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Abbreviations

AGR Advanced Gas-cooled Reactor
BWR Boiling Water Reactor
CANDU CANada Deuterium Uranium reactor
EOL End Of Life
EPMA Electron Probe Micro-Analyzer
FE Finite Elements
FEM Finite Element Method
FG Fission Gas
FGR Fission Gas Release
FP Fission Products
HBS High Burnup Structure
IP Inter-Pellet
I-SCC Iodine-Stress Corrosion Cracking
LHR Linear Heat Rate
LWR Light Water Reactor
MP Mid-Pellet
MPS Missing Pellet Surface
MTR Material Testing Reactor
PCI Pellet Cladding Interation
PIE Post-Irradiation Examination
PPN Peak Power Node
PWR Pressurized Water Reactor
RIA Reactivity Initiated Accident
RTL Ramp Terminal Level
SEM Scanning Electron Microscopy
SIMS Secondary-Ion Mass Spectrometry
UO2 Uranium diOxide
WWER Water Water Energy Reactor
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1 Pellet Cladding Interaction phenomenology
Pellet-Cladding Interaction (PCI) failures, discovered in the early 1970’s, can be
avoided in electro-nuclear reactors thanks to optimized plant operational procedures
and fuel management schemes. Research and development programs are however
still undertaken worldwide in order to improve the understanding of the mechanisms
possibly leading to PCI failure, as well as to qualify a PCI resistant rod design. These
research and development programs associate experiments and modeling in order to
reduce the number of experiments.

A nuclear fuel element typically consists of a metallic tube containing cylindrical
uranium dioxide fuel pellets. In the reactor, heat is generated in the pellets by
nuclear fission reactions and transfered through the cladding tube to the surrounding
coolant. In consequence, a quasi-parabolic radial temperature gradient holds in the
fuel pellets with the maximum temperature at the pellet center. In consequence
of the thermal stresses induced by the radial temperature gradient, radial cracks
develop in the pellets and their opening increase in order to accommodate the excess
central thermal expansion. The fuel pellet thermal expansion, swelling due to fission
products accumulation and the clad creep-down lead at some point to the closure
of the pellet clad gap. When pellet-clad contact is well established, these radial
cracks lead to a stress and strain localization in the clad inner wall, as illustrated in
Figure 1. The magnitude of clad stresses and strains in front of pellet radial cracks
is however limited by frictional sliding at the pellet-clad interface.

Another consequence of the radial temperature gradient and associated radial
thermal expansion gradient in the fuel pellet fragments is the axially non uniform
radial deformation (maximum in front of pellet ends), originally refered as pellet
"hourglassing" or "wheatsheafing". This non uniform fuel pellet deformation will
also induce an increase of the clad stresses and strains in front of the pellet ends
leading to residual strains in the cladding, characterized at the end of irradiation by
a "bamboo-like" shape with regularly spaced ridges, see Figure 1.

A power transient of significant magnitude (power ramp) following a well es-
tablished pellet clad contact can eventually lead to clad failure by Iodine Stress
Corrosion Cracking (I-SCC), a failure mode initiated at the clad inner wall, gener-
ally in front of pellet radial cracks and pellet ends (see Figure 2). The availability
of fission products (iodine, cesium, tellurium . . . ) released from the fuel pellet core,
which migrate in the opened pellet radial cracks to the clad inner surface, is a key
factor for the initiation of I-SCC.

In this chapter, a review of PCI models is proposed. Industrial approaches
proposed by fuel vendors or utilities and which have proved to give excellent results
in avoiding PCI failures by limiting power variations [1] are out of the scope of the
present chapter. The aim of this chapter is to detail the advanced multi-
dimensional modeling of the phenomena leading to a stress-strain and
iodine concentration at the clad inner wall during a power transient, and
eventually to fuel rod failure by I-SCC. Complementary information on PCI-
SCC failure of zircaloy claddings can be found in the reviews of Cox [2] and Sidky [3]
and in chapter XX "A review of Pellet-Cladding Interaction behavior in zirconium
alloy fuel cladding" by Piro et al. [4].
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In section 2 of this chapter, the experimental characterization of PCI is first
briefly discussed by the presentation of typical Post Irradiation Examinations (PIE)
performed on industrial fuel rods after power ramps. These experimental measures
are essential to assess the simulation results.

In consequence of the correlation between fuel pellet radial cracks location and
clad I-SCC cracks, the first historical attempts to model PCI have been focused on
catching the stress-strain concentration in the cladding over an opening pellet radial
crack. Analytical solutions derived from elastic pellet fragment and cladding models
are recalled in section 3.

With the development of computers, 2D radial-tangential (2DRθ) FE analyses
of a fuel pellet fragment have been performed to study in more details the impact
of friction at the interface on stress-strain concentrations in the cladding over an
opening pellet radial crack. The main models and results of these 2DRθ FE analyses
of PCI are presented in section 4.

The impact of pellet "hourglassing" and pellet cracking on stress-strain con-
centrations in the cladding is nowadays studied by 3D FE analyses. These highly
sophisticated descriptions of PCI include non-linear material models which can de-
scribe the viscoplasticity of the pellet and the cladding. The stress-relaxation at
the pellet-clad interface resulting from pellet cracking and pellet/clad creep during
power increase can therefore be properly evaluated. The 3D models for PCI are
described in section 5. The 2D radial-axial (2DRZ) models for PCI, a subgroup of
3D models, will also be reviewed in section 5.

In the last decade, efforts have been focused on the introduction of sophisticated
FG models and FP chemistry in PCI simulations, with the main objective to assess
the impact of fuel pellets initial composition on FG induced swelling and FGR
during power transients. These efforts have been triggered by the development of
commercial doped fuels with additives in small proportions that modify the fission
gas retention (related to grain-growth) and possibly the chemical composition of the
gases released from the fuel pellet. Models and simulation results are presented in
section 6.

Finally, to conclude this chapter, the models available for the simulation of clad
failure by I-SCC will be briefly described.

2 In-reactor PCI assessment

2.1 Power ramps in Material Testing Reactors

The PCI failure propensity of a nuclear fuel element can be assessed by power ramp
tests performed in MTRs. Short rods (called rodlets) are needed for the tests.
They are fabricated in hot cell laboratories from a full length rod pre-irradiated in
a power reactor, using a qualified fabrication process, or from a simple separation
process if pre-designed segmented rods are used. The experimental procedure for
power ramp tests aims at simulating reactor power transients, especially control
blade movements for BWRs and class 2 transients for PWRs. Two main types of
experimental sequence are generally considered: the “staircase” ramp [5] or the single
step ramp [6], see Figure 3 for a schematic description.
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The staircase ramp is an efficient way to estimate the PCI threshold but is cer-
tainly less aggressive than the single step ramp because of the stress relaxation in the
fuel and the cladding during the holding periods at each step [7] [8]. Prior to the tran-
sient, a conditioning period is applied in order to re-establish the thermo-mechanical
and physico-chemical state of the rod achieved at the end of the base irradiation
in power reactor. The power transient rate is often around 10 kW.m−1.min−1, but
more severe rates up to 100 kW.m−1.min−1 can be applied to explore the influence of
ramp rate on PCI resistance [9] [10]. In order to achieve all the conditions required
for PCI failure, in addition to a sufficient power increase from the conditioning
plateau, a sufficient holding time at RTL is necessary. This time is needed for the
development of I-SCC cracks in the cladding [2]. The formation of I-SCC cracks
during the holding period is related to 1) the release kinetics of fission products
from the fuel pellet, 2) the incubation time of I-SCC, as shown by out-of-pile I-SCC
laboratory test results [11]. For research purposes, power ramp sequences with zero
holding time are sometimes performed to improve the understanding on the main
phenomena involved during a power transient [12] [13].

The technological PCI limit of the different fuel rod designs is derived from
the analysis of a ramp test database, which has to cover a wide range of burnup
[12]. Thanks to the use of a standardized methodology for ramp resting, the PCI
performance of standard and advanced designs can be compared. While there is
evidence of a higher PCI resistance of MOX fuel [14] [15], chromia doped fuel [13] [16]
or advanced cladding with protective inner coatings [2] [4], the main challenge is to
understand the mechanisms at the origin of the differential behavior of the rods,
whether related to the cladding or fuel materials, burnup or irradiation conditions
prior to the ramp tests.

2.2 Post Irradiation Examinations

To help understanding the mechanisms behind PCI, non-destructive and destructive
examinations are performed on fuel rods before and after the ramp test. PIEs
can include clad diameter profilometry, eddy current measurements of the external
zirconia thickness, visual inspection, neutron radiography, gamma spectrometry,
fission gas puncturing, optical microscopy, examinations by SEM, EPMA or SIMS
measurements of FPs distribution. These examinations, illustrated in Figure 4, give
valuable information on the kinetics of the numerous phenomena involved in PCI:

• Fuel rod profilometry give access to the residual clad strains, the clad diameter
increase, the clad ridges height in front of pellet ends (IP level) and at mid-
pellet level (MP), before the ramp, and also, after the ramp, as a function of
the local power reached during the ramp.

• Optical microscopy on fuel cross-section or longitudinal fuel section give access
to the pellet cracking (number and extension of each type of cracks), pellet
dish filling, fuel microstructure (porosity distribution), cladding damage shape
and location (hydrides, I-SCC crack), interface conditions between fuel and
cladding (thickness and distribution of internal zirconia, bonding).
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• SEM, EPMA and SIMS examinations give access to the fuel microstructure
evolution in more details (FG bubbles concentration and size, location whether
in the grains or at the grain boundaries, HBS, grain boundary cracking), to the
FP distribution (concentration and location), and to cladding I-SCC mechan-
ims [17] (intergranular, transgranular propagation by pseudo-clivage, fluting).

• Gamma spectometry give access to power axial distribution through the mea-
surement of non mobile period isotopes such as 140La, movements of volatile
FPs such as 137Cs.

Examinations performed after power ramp tests are very useful to evaluate the
capacity of numerical simulations to quantify the numerous non-linear phenomena
that compete during a power transient. In return, modeling tools can contribute to
a better understanding of PCI, since they can be used to assess the impact of each
phenomenon or parameter on the fuel rod behavior during transient conditions, as
will be discussed in the next sections. Obviously, a good simulation of in-reactor
Pellet Cladding Interaction should describe both materials with a similar precision
and with material properties based on out-of-pile tests. While cladding mechanical
properties can be measured on irradiated samples [18], mechanical testing on irra-
diated fuel is still a challenge in consequence of the pronounced in-reactor cracking
of the fuel pellets. Another difficulty in PCI modeling is the lack of out-of-pile tests
that fully reproduce the in-reactor loading and chemical environment at the clad
inner surface.

2.3 Fuel pellet cracking during irradiation

From PIE after power ramps, fuel pellet radial cracks are known to be the root of
fuel rod failure by PCI, see Figure 1. A precise assessment of the chronology of
fuel pellet cracking during irradiation in reactor is therefore of importance. The
evolution of fuel pellet radial cracking during base irradiation and power ramps is
schematically described in Figure 5.

The mechanisms by which pellet cracking occurs during normal operating con-
ditions may be summarized as follows. During startup, the radial thermal gradient
in the pellet give rise to high circumferential and axial tensile stresses at the pellet
periphery. In consequence, radial and transverse cracking occurs. Oguma showed
that radial cracking is initiated at a low power level (6 kW/m) and that the number
of cracks increases step-wise with the rod power [20]. At hot state, radial crack
propagation towards the pellet center is limited by the compressed central part of
the pellet [21]. During cooling down, compressive stresses are progressively relieved
and radial cracks might then extend towards the pellet center generally leading to
well divided pellet fragments as illustrated in Figure 6.

The number of pellet fragments after irradiation depends mainly on the power
level reached in reactor. It increases with the rod power [20] [24]. For PWR con-
ditions (mean rod power around 20 kW/m), PIEs indicate an average number of
radial cracks close to 10 [25]. This estimate is consistent with three-dimensional
thermo-elastic simulations of fuel pellet cracking which show that the hoop stresses
at the pellet periphery remain below the tensile strength of the fuel if the fuel pellet
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is divided in 8 identical fragments [26]. It is important to stress that radial cracking
during base irradiation occurs mainly when the pellet-clad gap is open and that it is
reasonably described by simulations assuming an elastic behavior for the materials
(creep can be neglected). Transverse cracking (in planes perpendicular to the axial
direction, also refered as axial cracks) also takes place during reactor start-up almost
simultaneously with radial cracking and extends to the pellet core during cooling.

The situation is rather different during power ramps. First, the pellet-clad gap
is generally closed at the end of the conditioning plateau. The temperature in
the pellet is higher and leads to significant creep of the material [25]. The strong
pellet-clad interaction upon power increase leads furthermore to high stresses in
the cladding with possible plastic and viscoplastic flow. The stable crack pattern
obtained after the first power cycle in normal operating conditions is modified by
power rise and the development of new radial and transverse cracks initiated at the
pellet periphery can be observed, as illustrated in Figure 6. The radial extension of
these secondary cracks is limited by the size of the (visco)plastic central region of
the fuel pellet under compression. Power shutdown leads to radial tensile stresses at
the boundary between the highly deformed (visco)plastic central part of the pellet
and the elastic outer layer and hence to circumferential cracking. Circumferential
cracking is particularly important when viscoplastic flow has been high, i.e., in ramp
tests with long holding times [22], as shown in Figure 6. Additional transverse cracks
might appear with radial cracks during a power ramp with a radial extension also
limited by the viscoplastic central core of the pellets.

3 Analytical models for PCI

3.1 Introduction

Early works on PCI have tried to assess the importance of fuel pellet radial cracking
on stress concentration in the cladding. Some authors have derived closed-form
solutions to estimate the stress concentration factor (σmaxθθ /σaverageθθ ) as a function of
the applied thermal and mechanical load on the cladding [27] [28] [29] [30] [31] [32].
Fuel performance codes are generally based on a radial one-dimensional description
of the fuel pellet and the cladding [33] [34] [35] (see Chapter 3.19 "Oxide Fuel
Performance Modeling and Simulation" for an overview). In consequence, this type
of code cannot provide estimates of stress or strain concentration in front of an
opening radial pellet crack which is by essence a two-dimensional problem. To fill
this gap, some of these closed-form solutions are used in fuel performance codes to
improve the one-dimensional description of PCI [36] [37]. A pre-requisites to stress
concentration models is that the crack mouth opening is known. In this respect,
so-called hoop enrichment models have been developed to estimate the impact of the
thermal gradient, of solid swelling and of the contact pressure in a pellet fragment
on the crack mouth opening [37]. In this section, closed-form solutions for the pellet
crack mouth opening and the stress intensification in the cladding are recalled and
used to illustrate the important parameters for PCI analyses.

8



3.2 The pellet fragment crack opening model

This solution, based on the theoretical work of Muskhelishvili [38], is detailed in
reference [39]. The problem at hand concerns a two-dimensional fuel pellet fragment
obeying to an elastic isotropic behavior. The pellet fragment is assumed to be
divided in N identical fragments. The boundary conditions are illustrated in Figure
7.

Neglecting first the internal rod pressure, it might be assumed that the outer sur-
face of the pellet fragment is free. When the fuel pellet clad gap is open, the loading
consists of a radial distribution of strain corresponding to an isotropic swelling which
can be approximated by:

εan =
∑

k≥2

εank+1r
k (1)

with r the pellet radius. In this general expression, a thermal strain gradient
induced by heat generation from nuclear fission and heat transfer corresponds to
k = 2. Other types of swelling (solid swelling, fission gas induced swelling) can be
taken into account by the general expression of εan provided their radial distribution
is known.

When the pellet cladding gap is closed, the pellet fragments are submitted to
loadings that lead to opposit effects: the swelling strain gradient tends to open
the radial cracks while the contact pressure tends to close the cracks. The balance
between these two phenomena leads to a partial closing of the cracks along the
radius, represented by a contact radius (denoted as Rc in Figure 7). To derive
relevant approximations of the displacement field, the pellet fragment is divided in
two parts as shown in Figure 7.

In the first part (0 ≤ r ≤ Rc), pellet fragments are in contact and the displace-
ment field (radial ur and tangential uθ displacements) is given by:

ur =
γ

G
(1− 2ν) r +

∑

k≥3

εank
1 + ν

1− ν
rk

k + 1

uθ = 0 (2)

with G the shear modulus, ν Poisson’s ratio and γ a constant parameter (Pa).
In the second zone (Rc ≤ r ≤ R), the displacement field is given by the general

expressions:

ur =
∑

k≥3

εank

[
1 + ν

1− ν
1

k + 1
+

1

2G
((3− 4ν − k)αk cos ((k − 1)θ)− βk cos ((k + 1)θ))

]
rk

+
A

2G

[
(4− 4ν) cos(θ) ln

(
r

r0

)
+ (2− 4ν)θ sin(θ)− cos(θ)

]

uθ =
1

2G

∑

k≥3

εank [(3− 4ν + k)αk sin ((k − 1)θ) + βk sin ((k + 1)θ)] rk

+
A

2G

[
(2− 4ν)θ cos(θ)− (4− 4ν) sin(θ) ln

(
r

r0

)
− sin(θ)

]
(3)
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with the coefficients (αk, βk) given by the following relations:

αk =
1 + ν

1− ν
2G

k + 1

sin ((k + 1)θm)

sin (2kθm) + k sin(2θm)

βk =
1 + ν

1− ν
2G

k + 1

(1− k) sin ((k − 1)θm)

sin(2kθm) + k sin(2θm)
(4)

θ refers to the angular position with respect to the crack plane of the fragment
while θm is equal to half of the fragment angle (see Figure 7). It is worth noticing that
the displacement is singular at the apex of the fragment. To avoid these singularities,
a small region close to this apex (0 ≤ r ≤ ri with ri << R) is truncated and the
parameter r0 is chosen such that the radial displacement at r = ri is zero in an
average sense:

1

2θm

∫ θm

−θm
ur(ri, θ) dθ = 0 (5)

The coefficient A in eq. 3 is such that the average radial stress on the pellet
periphery equilibrates the contact pressure Pc:

A =
R

4 sin(θm)

{
−Pc θm +

∑

k≥3

εank R
k−1
[

2G

k + 1

1 + ν

1− ν
θm

+ k

(
αk
k − 3

k − 1
sin((k − 1)θm) +

βk
k + 1

sin((k + 1)θm)

)]}
(6)

With this approximated solution, the displacement field cannot be continuous
on the boundary between the two zones (r = Rc). A good approximation is however
derived by forcing this continuity condition at the particular point (Rc, θm):

uzone2θ (Rc, θm) = 0

uzone1r (Rc, θm) = uzone2r (Rc, θm) (7)

From relations 7, the value of the parameter r0 and of the contact radius Rc can
be determined.

3.3 Pellet fragment crack opening during PCI

The model was applied to a pellet fragment submitted to a parabolic radial distribu-
tion of strain ε̂an(r) = εan1 + εan3 r2, representative of thermal strains experienced by
fuel pellets during nominal irradiation or power ramps [39]. The authors studied the
impact of the thermal strain magnitude, of the contact pressure Pc and of the num-
ber of pellet fragments N on the calculated crack mouth opening along the radius
of the pellet fragment. Results are plotted in Figure 8. The analytical expressions
have been compared with FE simulations performed with the code Cast3M [40].

The pellet crack mouth opening reaches 10 µm for a temperature difference across
the radius close to 1000 K (εan3 = −7.5 10−4 mm−2). Increasing thermal strains leads
to higher crack mouth openings and smaller contact radii Rc. Increasing the contact
pressure leads to smaller crack mouth openings with greater contact radii Rc. The
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calculations with a high contact pressure are representative of the closing of pellet
radial cracks when strong PCI takes place. Increasing the number of fragments in
the pellet tends to reduce the crack mouth opening but has very little impact on
the contact radius. Similar results were obtained by Klouzal and Dostál from FE
simulations performed with ABAQUS [41].

3.4 The clad stress concentration model

Roberts studied the case of a pellet divided by N regularly spaced cracks having an
angular displacement of 2θm between them and a crack mouth opening of 2φ [28],
in contact with a cladding tube, as represented in Figure 9.

In this approach, the pressure on the clad external wall was assumed equal
to zero, a uniform pressure was considered on the inner cladding surface together
with a shear stress related to the radial stress and the friction coefficient. The
author showed that the problem resolved into a standard one, namely finding the
distribution of elastic stresses in a thick-walled cylinder having specified normal and
shear stresses on the inner and outer surfaces. An Airy stress function satisfying
the compatibility equation and the symmetries of the problem and of the following
form was proposed:

Φ = A0r
2 +B0 ln r +

∞∑

m=2

(
Amr

m+2 +Bmr
−m + Cmr

m +Dmr
−m+2

)
cos(mθ) (8)

with A0, B0, Am, Bm, Cm and Dm constant parameters. By derivation, the plane
strain stresses in the cladding are given by:

σrr = 2A0 +
B0

r2
−
∞∑

m=2

[
(m+ 1)(m− 2)Amr

m +m(m+ 1)Bmr
−m−2

+ m(m− 1)Cmr
m−2 + (m− 1)(m+ 2)Dmr

−m] cos(mθ)

σθθ = 2A0 −
B0

r2
−
∞∑

m=2

[
(m+ 1)(m+ 2)Amr

m +m(m+ 1)Bmr
−m−2

+ m(m− 1)Cmr
m−2 + (m− 1)(m− 2)Dmr

−m] cos(mθ)

σrθ =
∞∑

m=2

[
m(m+ 1)Amr

m −m(m+ 1)Bmr
−m−2 +m(m− 1)Cmr

m−2

− m(m− 1)Dmr
−m] sin(mθ) (9)

The displacements in the cladding tube read as follows:

ur =
1

G

{
2A0(1− 2ν)r − B0

r
+
∞∑

m=2

[
(2(1− 2ν)−m)Amr

m+1 +mBmr
−m−1

− mCmr
m−1 + (2(1− 2ν)−m)Dmr

−m+1
]

cos(mθ)
}

uθ =
1

G

{ ∞∑

m=2

[
(m+ 4(1− ν))Amr

m+1 +mBmr
−m−1 +mCmr

m−1

+ (m+ 4(1− ν))Dmr
−m+1

]
sin(mθ)

}
(10)
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In the above expressions, σrr denotes the radial, σθθ the hoop and σrθ the shear
stress. The radial and circumferential displacements are signified by ur and uθ,
respectively.

The original formulation proposed by Roberts was modified by Sercombe et
al. [39] to account for boundary conditions closer to those taking place in a PWR
fuel rod, see Figure 9: a non-zero external pressure related to the coolant pext is
considered, a linear evolution of the contact pressure with angular position given by
pcont = K1θ+K2 is assumed, a fuel rod gas pressure pgas is applied on the clad inner
wall which is not in contact with the pellet (−φ ≤ θ ≤ φ).

The boundary conditions reflect the discontinuity of the contact pressure and
shear stresses on the inner surface of the cladding due to the pellet crack opening
(−φ ≤ θ ≤ φ).

Since the clad materials (Zircaloy based alloys) are usually two to three times
softer than uranium dioxide, Pellet Cladding Interaction is conveniently described by
applying an azimuthally uniform radial displacement on the inner clad surface rather
than a constant pressure. This point was discussed by Ranjan and Smith [29] and led
to the derivation of their so-called hard pellet model. Jackson showed furthermore
by FE analyses that a linear variation in contact pressure with angular position can
lead to a substantial reduction in the variation of the radial displacement [31].

Achieving a constant radial displacement on the inner clad wall is by essence
impossible with Roberts’ approach. To fulfill that condition as much as possible, a
minimization of the angular variation of the radial displacement has been proposed
by adding the following condition on the contact pressure slope [39]:

minK1

{∫ θm

φ

[ur(b, θ)− ur(b, θm)]2 dθ

}
(11)

which can be expressed as :

2

∫ θ

φ

[ur(b, θ)− ur(b, θm)]×
[
∂ur
∂K1

(b, θ)− ∂ur
∂K1

(b, θm)

]
dθ = 0 (12)

from which K1 can be deduced.

3.5 Clad stresses during PCI

The impact of the number of pellet fragments, of the pellet crack opening and of
the friction coefficient on the hoop stress distribution in the cladding was studied
with this analytical solution. The main results are presented in references [39] [42]
and illustrated in Figure 10.

According to the model, increasing the initial pellet fragmentation (4 to 16 frag-
ments, crack opening 8 µm, friction coefficient 0.5) leads to a moderate decrease of
the maximum hoop stress (from ∼ 900 MPa to ∼ 800 MPa). An increasing crack
mouth opening has a similar impact on the maximum hoop stress since it leads to
a larger area where stresses are concentrated. The most important parameter with
respect to stress concentration in the cladding appears to be the friction coefficient.
A reasonable variation of the friction coefficient between 0.5 and 1.5 can be assumed
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based on the litterature review of friction coefficient measurements detailed in ref-
erence [43] [44]. As shown in Figure 10, the maximum hoop stress in the cladding is
more than doubled when the friction coefficient increases from 0.5 to 1.5. Klouzal
and Dostál confirmed these results with the FE code ABAQUS [41]. Apart from
giving the main trends during PCI, these analytical solutions have been used to
verify advanced FE simulations of PCI with friction [39].

4 2DRθ Finite Element models for PCI

4.1 Introduction

The analytical solutions for the PCI problem presented in section 3 are restricted
to fuel and clad materials with an elastic behavior. They are furthermore based
on independent solutions for the pellet radial crack opening and for the clad stress
concentration problem. During in-reactor PCI, many additional phenomena take
place within the fuel pellet and the cladding. Among the most important are fuel
irradiation and thermal creep, clad irradiation and thermal creep, fuel radial, cir-
cumferential and axial secondary cracking, fuel solid and FG induced swelling. They
can lead to a drastic change of the stress and strain state within the fuel and the
cladding. At the interface, friction can also evolve in consequence of irradiation.

To enhance the description of PCI, 2D radial-tangential (2DRθ) FE models of
the fuel pellet with explicit radial cracks have been developed and used with so-
phisticated fuel and clad materials models. Among this category fall the 2DRθ
pellet fragment models of the FALCON [45] [46], BISON [47] and ALCYONE fuel
performance codes [19].

In this section, the FE mesh and boundary conditions considered in 2DRθ calcu-
lations will first be described. The modelling of fuel pellet cracking and creep and of
clad creep and plasticity will then be detailed in order to explain the consequences
of these phenomena on clad stress distribution during PCI. The impact of friction
at the pellet-clad interface will then be discussed. Finally, the PCI failure models
derived from 2DRθ simulations will be detailed.

4.2 Finite Element mesh and boundary conditions

As the fuel pellet fragmentation occurs quasi-immediately during reactor startup, a
reasonable assumption adopted in 2DRθ models is to consider that the fuel pellet is
initially divided in a finite number of identical fragments. Based on PIE performed
after nominal irradiation in PWR, an initial fragmentation in 8 pieces is generally
considered in 2DRθ simulations. By symmetry, only half of the fuel pellet fragment
needs to be considered if proper boundary conditions are enforced. This is the
case in the fuel performance codes FALCON and ALCYONE. In BISON, the 2DRθ
simulations have been performed so far with more than one fragment in order to
catch the loss of symmetry induced by the presence of a MPS [47].

To discuss the 2DRθ FE modeling of PCI, the boundary conditions considered
in ALCYONE will be described. ALCYONE is a multi-dimensional FE based code
that includes all the basic components of fuel performance codes, as summarized in
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Table 1, and detailed in Chapter 3.19 on "Oxide fuel performance code modeling
and simulation".

The FE mesh and boundary conditions considered in the 2DRθ scheme of AL-
CYONE are illustrated in Figure 11 and can be summarized as follows:

• Zero tangential displacement (Uθ = 0) on the axis of symmetry of the pellet
fragment (Pr1).

• Pellet-pellet inter-penetration along the radial crack (line Px1) is forbidden by
the unilateral contact condition Uy ≥ 0. It must be stressed that the radial
crack length and contact radius are not fixed a priori but are given at each
time step by the mechanical equilibrium. This is the main difference with the
2DRθ schemes of FALCON and BISON where the crack radial extension are
defined at the beginning of the simulations.

• In ALCYONE, generalized plane strain conditions are used in order to model
the out-of-plane stress and strain. The out-of-plane condition consists in a
uniform axial strain εz. Before pellet-clad contact, the pellet and clad axial
strains are independent. Upon contact, an axial locking condition is enforced
to suppress the axial relative movement between the pellet and the cladding,
∆εpelletz = ∆εcladz . In ALCYONE, a smeared crack model (see section 4.3) is
used to model transverse cracking in the 2D(r,θ) scheme.

• In ALCYONE, unilateral contact is assessed and a Coulomb model is intro-
duced to simulate friction-slip or adherence at the pellet-clad interface. A
specific gap element with normal and shear components is used in FALCON
to model the same phenomena.

Concerning the loading conditions, the internal rod pressure (gas pressure) is
applied to the cladding inner surface and to the pellet fragment outer surface if
there is no contact with the cladding or the adjacent fragment. The external pressure
(water pressure) is applied to the cladding outer surface.

In general, the temperature of the cladding surface in contact with the coolant,
the pressure of the coolant and the internal pressure of the fuel rod are extracted from
preliminary simulations of the complete fuel rod (from standard 1.5D simulations)
and applied directly as boundary conditions in the local 2DRθ calculations that are
usually performed at the PPN where PCI failures are most likely to occur.

4.3 Modeling of fuel pellet secondary cracking

In recent years, a significant number of papers have been devoted to the modeling
of fuel pellet cracking during reactor operation, mostly due to the development
or the availibility in commercial software of new numerical methods. The FEM
with cohesive zones was used by Williamson [48] and Dostal [49] (solid and hollow
pellets of WWER reactors) to study fuel pellet cracking in 2DRθ simulations during
start-up, long-term irradiation, power transients and reactor shutdown. Compared
to the fixed radial crack length of FALCON and BISON, cohesive zones do not
require a pre-define length and are interesting for studying the crack propagation
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during the loading sequence. The number of potential cracks and their orientation
must however be set initially and cannot be changed during the simulations. The
FEM with pre-defined non cohesive discrete cracks was used by Haynes to study the
opening of radial cracks in Advanced Gas Cooled (AGR) reactor hollow pellets and
the resulting stress concentration in the steel cladding [50].

The development of fuel pellet radial and circumferential cracks during reactor
operation has also been studied in 2DRθ with the Discrete Element Method [51] or
with the peridynamic theory [52]. A somewhat similar approach has been proposed
by interfacing all the continuum elements of the mesh with cohesive zones [53].
Contrary to the discrete or cohesive crack methods, the stochastic nature of pellet
cracking and the connection/bifurcation of radial cracks at the pellet center during
power shutdown are nicely reproduced, see Figure 12. The main drawback being
the increased CPU time required for the computations.

Recently, 3D FE simulations of a complete fuel pellet were proposed using a
smeared crack model with crack orientations related to the principal stresses [54],
see Figure 13, from which the pellet "hourglassing" can be recovered. So far, no
simulation with the cladding have however been performed with these numerical
methods.

The development of secondary cracks in the fuel pellet during power ramps (see
Figure 6) has been less treated in numerical simulations owing to the complex be-
havior at hand, which requires the simultaneous modeling of fuel pellet creep, clad
creep and plasticity, fuel fission-gas induced swelling and friction at the pellet inter-
face. In order to account for secondary pellet cracking during irradiation, smeared
crack models are convenient for fuel performance codes based on the FEM since
these models show similarities with strain-hardening plasticity and can be readily
implemented [55] [23]. The formulation proposed used in ALCYONE fuel perfor-
mance code is here described to illustrate the general behavior of smeared crack
models [23] [56]. The stress-strain constitutive law for the fuel material is given by
Hooke’s law as follows :

σ = C : (ε− εvp − αfuel∆T1−
3∑

i=1

εcini) (13)

with σ the stress tensor, ε, the total strain tensor, εvp the creep strain tensor,
αfuel the thermal expansion coefficient, ∆T the temperature increase and 1 the unit
tensor. εci refer to the crack strain component in direction i with its associated normal
tensor ni. C is the fourth-order elastic tensor. Other strain tensors associated with
fuel swelling (solid or gaseous) are omitted here for the sake of clarity.

The yield stress of the material in tension is described by three independent
failure criteria :

fi = σi −Ri(ε
c
i) ≤ 0 (14)

In eq. 14, σi refers to the stress component in direction i, Ri is the fuel resid-
ual tensile strength in direction i. Since normal or off-normal reactor operating
conditions lead generally to well defined radial, circumferential and axial cracks,
the orientation of cracks can be prescribed by the cylindrical coordinate system
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(i = r, θ, z). The orientation of the cracks can also be defined from the directions of
the principal stresses or strains [55] [45]. 2DRθ simulations of PCI showed however
that the crack orientations were very close to the radial and tangentiel directions [57],
justifying the prescribed cylindrical orientations.

The development of cracking once the yield stress is reached and till complete
loss of stiffness can be represented by a linear softening law, as expressed by the
following equation:

Ri(ε
c
i) = 〈f ti −Kiε

c
i〉 (15)

with f ti andKi respectively as the fuel tensile strength and the softening modulus
in direction i. 〈A〉 = A if A > 0 and 0 if A ≤ 0. Exponential softening laws are
another possible choice. As in standard plasticity, the crack strain rate in direction
i is given by the consistency condition ḟi = 0.

The stress-strain relationship obtained from eqs. 13-15 in any direction (i =
r, θ, z) is illustrated in Figure 14 (left) along path 0-1 (elastic loading), path 1-2
(softening part with a decreasing tensile strength Ri) and path 2-3 (fully cracked
material with no residual strength Ri = 0). These expressions are applicable only for
monotonic loading conditions during which crack openings tend to increase. During
normal operating conditions in reactor, the fuel undergoes loading cycles which can
lead to crack closing. As illustrated schematically in Figure 14 (right), crack closing
or/and re-opening are taken into account by modifying the elastic modulus of the
material such that εci = 0 when σi = 0 [56] (path 2-0 and 3-0). The history of
crack-induced damage is thus described by the residual tensile strength variable
Ri. To account for the irregularity of crack surfaces, Jernkvist proposed a slightly
modified version with a progressive closing condition dependent on the compressive
load applied [55] (complete closure possible only if a certain compressive stress is
reached).

The smeared crack model requires two input parameters per direction i: the fuel
tensile strength f ti and the softening modulus Ki. A reasonable assumption is to
consider the fuel tensile strength independent of the direction, i.e., f ti = ft. For
temperatures below 1200◦C, the tensile strength is relatively constant and close to
that measured at room temperature [58] [59]. Based on an extensive experimental
program, Radford derived analytical formulae to estimate the tensile strength at
room temperature of UO2 as a function of porosity and grain size [60]. For a standard
UO2 of porosity 3-4% and grain size 10 µm, the tensile strength is close to 130
MPa [25].

The other parameters of the fuel pellet crack model are the softening moduli
Ki. It is well known that the use of material laws which account for softening
leads to mesh-size dependent calculations. One way to overcome this problem is
to use generalized fictitious crack models [61] in which the softening path is made
dependent on the mesh size in order to ensure that the dissipated energy equals the
fracture energy of the material. In a uniaxial tensile test such as is represented in
Figure 14, the following relation holds between the fracture energy Gf , the tensile
strength f t, the softening modulus Ki and the mesh size in direction Li:

Gf =
1

2

(f ti )
2

Ki

.Li (16)
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For UO2, the fracture energy Gf is approximately 10 J/m2, as estimated from
Vicker’s indentation tests performed on irradiated fuel samples [62]. Another method
used for mesh-size independent calculations is to include viscous damping [55] with
the drawback that the tensile strength can be locally exceeded.

In compression, a non-brittle behavior is generally considered with only creep
strains. This is a reasonable assumption for base irradiation and power ramps since
the power transients are sufficiently slow to allow for pronounced stress relaxation
by creep. In fast transients such as those occuring during RIA, the behavior of the
fuel in compression is better described by elasto-plasticity [63] [64].

4.4 Modeling of fuel pellet creep

The constitutive law describing creep of UO2 generally involves three creep mecha-
nisms [65]: irradiation creep, scattering-creep for small stresses and dislocation-creep
for large stresses. Creep strain rate is given by the following relation:

ε̇vp = ε̇irr + (1 + αφ)
[
(1− θ)ε̇scat + θε̇disl

]
(17)

in which ε̇irr, ε̇scat and ε̇disl are respectively the irradiation, scattering and dis-
location creep strain rate tensors. The switch from scattering-creep to dislocation-
creep is defined by the function θ(σeq, T ) which depends on the temperature and the
stress level, as proposed by Monerie and Gatt [66].

The creep strain tensors obey the normality rule and are usually expressed as a
function of the equivalent creep strain rates ε̇ieq according to :

ε̇i =
3

2
ε̇ieq

s

σeq
(18)

with σeq the Von Mises stress and s the stress deviator tensor. The equivalent
creep strain rates are then defined according to the following relations:

ε̇irreq = Airrσeqφ exp

(
−Eirr
RT

)
(19)

ε̇scateq = Ascatσeq
1

d2g
exp

(
−Escat
RT

)
(20)

ε̇disleq = Adislσ
8
eqd

2
g exp

(
−Edisl
RT

)
(21)

In Eqs. 19, 20 and 21, Ai and Ei are constant parameters, φ is the local fission
density, dg the grain size and σeq the Von Mises stress. α models the increase of
thermal creep with irradiation as observed for scattering-creep. Fuel densification
can be included in the formulation of fuel creep resulting in a poro-viscoplastic
formulation [63] [67] [66].
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4.5 Modeling of clad creep and plasticity

The anisotropic behavior of irradiated SRA Zy-4 cladding must be taken into ac-
count in the multi-dimensional calculations of PCI. A coupled creep-plasticity model
with isotropic non-linear hardening has been proposed by Soniak [18], based on an
extensive database of creep laboratory and in-reactor tests performed on irradiated
clad samples at temperatures (280−400◦C), stress levels (0−550 MPa), fast neutron
fluxes (1−2.10−18 n/m2/s) and fluences (0−10.1025 n/m2), representative of normal
and power transient conditions.

As for the pellet material, the stress-strain constitutive law for the clad material
is given by Hooke’s law as follows :

σ = C : (ε− αclad∆T1− εvp − εp) (22)

with εvp the creep strain tensor and εp the plastic strain tensor. The creep
component of eq. 22 accounts for irradiation and thermal creep contributions and
can be split as follows in rate form :

ε̇vp = ε̇irc + ε̇thc (23)

Each of the creep components includes primary creep and secondary creep. To
account for the anisotropy of the material, the creep strain rates are function of
Hill’s equivalent stress σH =

√
σ : H : σ with H a symmetric fourth rank tensor

and obey the normality rule given by:

ε̇i = ˙εieqH :
σ

σH
(24)

with ˙εieq the equivalent creep strain rate. σH reads as follows when the tube
reference system (r,θ,z) is used :

σ2
H = Hr(σθθ − σzz)2 +Hθ(σrr − σzz)2 +Hz(σrr − σθθ)2 + 2Hrθσ

2
rθ +

2Hrzσ
2
rz + 2Hθzσ

2
θz (25)

The formulation depends on three coefficients Hr, Hθ, Hz which have been iden-
tified from uniaxial and biaxial creep tests (the shear components are assumed equal
to the isotropic ones, i.e., Hrθ = Hrz = Hθz = 1.5). Hill’s coefficients are identical
for irradiation and thermal creep. The equivalent irradiation creep strain rate is
expressed as follows:

ε̇irceq = ε̇irc1eq + ε̇irc2eq (26)

with the primary creep component ε̇irc1eq given by :

ε̇irc1eq = Airc1
σn1H

(εirc1)n2
exp

(
−Eirc1
RT

)
(27)

and the secondary creep component ε̇irc2eq given by :

ε̇irc2eq = Airc2σ
n3
H Φ̇n4 exp

(
−Eirc2
RT

)
(28)
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In Eqs. (27) and (28), Airc1, Airc2, ni (i = 1, 4) and Eirc1, Eirc2 are constant
values. Creep rate enhancement due to the effect of the fast neutron flux Φ̇ on the
material is taken into account in the stationary creep component ε̇irc2.

The equivalent thermal creep strain rate reads as follows:

ε̇thc = Vs +

[
(Vp − Vs) exp

(
−ε

thc

ε0

)]
(29)

with Vp, Vs given by :

Vp = Vp0(T, σH)Vpf (Φ) (30)

Vs = Vs0(T, σH)Vsf (Φ) (31)

and ε0(T, σH) a function of temperature T and Hill’s stress σH . Vp (primary
thermal creep rate) and Vs (secondary thermal creep rate) are equal to the product
of two functions which parameters are identified from tests performed on fresh Zy-4
(Vp0(T, σH), Vs0(T, σH)) and on irradiated Zy-4 (Vpf (Φ), Vsf (Φ)). The latter func-
tions account for the reduction in thermal creep rates with irradiation, as observed
experimentally [18].

As for creep, the plastic model is based on Hill’s equivalent stress with Hill’s
coefficients given as a function of the temperature T and the fluence Φ [68] (except
the shear components). The plastic criterion is given by:

f(σH , ε
p, T,Φ) = f1(ε

p, T ) + f2(T,Φ) (32)

with f1(εp, T ) accounting for the strain-hardening of the material (εp is the equiv-
alent plastic strain) and f2(T,Φ) for irradiation-induced hardening. The plastic
strain rate is given by the normality rule.

4.6 Modeling of friction at the pellet clad interface

Pellet-clad friction modeling is usually based on Coulomb’s law which relates the
sliding rate vt at the interface of two materials to the normal Fn and tangential
forces Ft according to the following expression:





vt = 0 if ‖Ft‖ ≤ µ‖Fn‖

vt = −λFt if ‖Ft‖ = µ‖Fn‖
(33)

where µ is the friction coefficient, λ a positive number and ‖F‖ denotes the norm
of force vector F .

Brochard and al. have summarized the test conditions and friction coefficient
measures performed by different authors [43]. Most of the tests were performed out-
of-pile on non-irradiated materials and are therefore only representative of pellet-clad
friction at the beginning of irradiation in commercial reactors. The overall variation
of the friction coefficient was found to be within 0.4 < µ < 0.69 [69] [70]. Among the
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tests, those of Nakatsuka were performed in experimental conditions representative
of a power transient [70], i.e., temperatures 300 − 400◦C, contact pressure 100-200
MPa, internal corrosion layer of a few µm thick, and lead to friction coefficients in
the range 0.47-0.6.

From in-pile friction tests, several authors showed that the friction coefficient
increases significantly (up to 1.2) with irradiation [71] [72] [73]. These measures
can be related to the evolution of the pellet clad interface during in-reactor normal
operation which is characterized by the development of an internal zirconia layer
approximately 10-15 µm thick [74] [75]. A common feature of high burnup fuel rods
with a formed HBS, irrespective of the reactor, pellet and cladding type, is the strong
pellet-clad bonding at the interface that is observed at EOL [76] [77] [78] [79] [80] [81].
Generally, bonding is associated with the development of a (U,Zr)O2 reaction layer
at the interface between the pellet rim and internal zirconia [82] [83] [81]. A constant
friction coefficient at the pellet-clad interface in simulations of reactor operations is
certainly not realistic.

From the relation between friction coefficient and the calculated secondary radial
cracking during ramp testing of fuel pellets of increasing burnup, Sercombe et al.
have derived a function that can be used to assess the evolution of the pellet-clad
interface with irradiation [19]:

µ = 0.56 exp (0.03∆τ) (34)

where ∆τ (in GWd/tU) is the mean burnup variation after initial pellet clad gap
closing. According to relation (34), clad-pellet friction evolves only when pellet-clad
gap is closed since internal zirconia is only found in fuel rods parts where contact is
effective [74]. The friction coefficient increases with burnup to reach a value of ∼2
at 60 GWd/tU.

To account for the evolution of the pellet-clad interface in their simulations of
lift-off experiments, Suzuki et al. have related the evolution of pellet clad bonding
to a time integral of the contact pressure at the pellet-clad interface [84] [85].

4.7 Impact of friction and fuel creep on clad stresses

The impact of friction, fuel and clad creep/plasticity on clad stresses was studied
with the fuel performance code ALCYONE by 2DRθ FE simulations of a power
ramp (RTL ∼ 400 W/cm, holding time 12h) on a UO2-Zy4 fuel rodlet of average
burnup ∼ 25 GWd/tU [19]. Twenty simulations with a friction coefficient in the
range 0.5− 5 were performed. The simulations were first performed with an infinite
tensile strength f t to avoid fuel secondary cracking. Creep of the pellet and of the
cladding were therefore the only stress-relief mechanism taken into account.

The calculated deformed shape of the pellet fragment at RTL is illustrated in
Figure 15 for a friction coefficient equal to 1.7. The high thermal gradient in the
pellet (over 1000◦C) leads to a small opening of the pellet radial crack (25 µm). The
opening of the crack is restricted by friction forces at the pellet clad interface which
prevent significant sliding in the calculation. In consequence of the high tangential
forces that develop at the interface, a pronounced hoop stress localization in the
cladding takes place in front of the crack tip, as shown in Figure 15.
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The resulting stress intensification factor is plotted in Figure 16 (with circles) as a
function of the friction coefficient. The maximum hoop stress increases significantly
with friction. A plateau is however reached for friction coefficients greater than 2
[43] [41]. The plateau is a consequence of the plasticity of the cladding material
with limited strain-hardening.

A similar spatial distribution of the plastic strains in the cladding was obtained
in the 2DRθ simulations [19]. The hoop stress distribution in the pellet at RTL is
plotted in Figure 17 for the simulation with a friction coefficient of 1.7.

Owing to the thermal gradient, a rather standard distribution with compressive
stresses at the pellet center and tensile stresses at the pellet periphery is obtained.
The maximum tensile hoop stress at the pellet periphery increases by more than a
factor 3 with the friction coefficient (circles). In the case of a friction coefficient of
0.5, representative of non-irradiated materials, the maximum hoop stress reaches 150
MPa, which means obviously that secondary cracking during power ramps cannot
be avoided. Hoop stress saturation takes place when the friction coefficient exceeds
2 partly because of the plasticity of the cladding material and partly because of the
creep of the fuel material at the pellet center which increases rapidly with the stress
level.

Haynes et al. reached similar conclusions in their 2DRθ simulations of stress-
strain concentration on the inner surface of the cladding resulting from the fuel pellet
cracks [50]. The friction coefficient was found the most influencial parameter. The
stress-strain concentration was surprisingly found insensitive to the number of pellet
radial cracks. Their calculations were however performed with a pre-defined (and
fixed) number of pellet radial cracks. Capps et al. reported an opposit trend with an
increasing maximum clad hoop stress with increasing crack spacing [86]. The simu-
lations were however performed assuming that there were no relative movements at
pellet/cladding interface (infinite friction coefficient). They compared their results
to FALCON simulations which showed no impact of the number of pellet radial
cracks, in agreement with Haynes et al. [50]. These differences can be related to
fuel pellet secondary cracking or sliding at the pellet-clad interface as detailed in
the next section.

4.8 Impact of fuel secondary cracking on clad stresses

To study the developement of fuel secondary cracking and its impact on clad stresses,
2DRθ simulations with realistic properties for the tensile strength and the fracture
energy of uranium dioxide have been analyzed in reference [19]. The hoop stress
distribution at RTL is illustrated in Figure 18 for a simulation performed with a
friction coefficient of 1.7.

The stress distribution was found very different from the one obtained when creep
was the only stress-relief mechanism (Figure 17). While the center of the pellet is still
under compression at a similar stress level, intense secondary radial cracking at the
pellet periphery leads to a very high stress relaxation. Pellet cracking, represented
in Figure 18, tends in fact to level the stresses with a maximum that never exceeds
the tensile strength of the material, whatever the friction coefficient. This point is
illustrated in Figure 17 by plotting the maximum tensile hoop stress in the brittle
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pellet as obtained from all the simulations (square symbols). The maximum hoop
stress is almost constant (≈ 100 MPa) when secondary cracking is considered in the
simulations.

In Figure (19), the impact of the friction coefficient on secondary radial cracking
at RTL is illustrated. The mesh elements that are plotted on the fragment are those
where the residual strength of the material Rθ is less than 5 MPa, i.e., where local
failure of the material is achieved.

The total number of secondary radial cracks in the pellet fragment increases
with friction which explains the leveling of the maximum hoop stress. The impact
of secondary radial cracking on the stress intensification factor in the cladding is
shown in Figure 16 (square symbols). Stress concentration in front of the crack tip
appears limited in magnitude (maximum 1.4) compared to the calculations without
secondary radial cracking (maximum 2.1). The stress intensification was furthermore
insensitive to the friction coefficient. The same conclusion was drawn from the
maximum plastic strain in the cladding.

2DRθ simulations show the counterbalanced effect of increasing friction which
tends: 1) to increase clad stresses and strains due to increasing interfacial shear
forces and 2) to enhance radial cracking of the pellet which in turn leads to some
leveling of the clad stresses and strains. Pellet-cladding friction combined to pellet
secondary cracking leads therefore to an almost stable stress and strain state in
the cladding, far from the estimations presented in section 3 for elastic materials.
It also indicates that FE models with a pre-defined number of radial cracks might
overestimate the stress concentration in the cladding during PCI. In this respect,
Capps et al. mention that the stress concentration in the cladding depends on the
(fixed) length of the radial cracks considered in the simulations [86], showing the
importance of the unilateral condition (Uy ≥ 0 on the crack plane) described in
Figure 11.

4.9 PCI failure threshold in 2DRθ models

The 2DRθ model of FALCON with a pre-defined radial crack of finite length has
been used by Lyon et al. to assess the PCI-SCC failure/non failure of a database
of fuel rods [87]. The fuel failure/non failure assessment relies on the definition of a
cumulative damage index (CDI) coupled with a local cladding stress evaluation [45].
The CDI is updated at each time step of the 2DRθ calculation based on the hoop
stress σθθ in the cladding element right over the tip of the pellet radial crack, the
local clad temperature T and the burnup of the rodlet B. The CDI increment is
defined from a time-to-failure empirical function tf obtained from laboratory I-SCC
tests (pressurized tube) performed on non irradiated clad samples, and dependent
on the same quantities (stress, temperature, burnup, yield stress):

D =

∫ tn

0

dt

tf (σθθ, B, T )
(35)

A threshold stress and a minimum burnup are furthermore used to activate the
model. A CDI-based failure probability function was derived assuming that the CDI
calculated from 14 power ramps followed a normal distribution. Lyon et al. showed
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that the CDI was more appropriate than the maximum clad stress to assess the
failure/non failure of the rods during loading sequences that often included more
than one power ramp [87].

Capps et al. analyzed nearly the same database of power ramps with the 2DRθ
and 3D models of BISON with explicit radial cracks to define a PCI-SCC hoop
stress threshold that could discriminate failed and non failed fuel rods [47]. They
used a probability function to identify a 5% failure probability stress threshold for
standard PCI-SCC. The threshold was then compared to the maximum hoop stress
calculated in a fuel rod that was confirmed to contain an MPS of known dimensions.
Simulations of a series of power sequence on fuel rods with an MPS of unknown
dimension were used to estimate the size of the defect that could have led to the
observed non expected failure of the rods.

5 2DRZ and 3D Finite Element models for PCI

5.1 Introduction

While 2DRθ FE analyses are powerful to catch the stress-strain concentration in
front of an opening pellet radial crack, they are not able to describe the pronounced
axial localization in front of pellet ends that results in the clad ridges. In French
PWR fuel rods tested in the OSIRIS MTR [6], clad failures always occur in front
of pellet ends, showing the importance of the underlying mechanism for PCI failure
assessment.

This has led to the development of 3D models for PCI based on the FEM [88]
[44] [89] [90]. Taking advantage of the symmetries offered by pellet cracking and
pellet geometry and in order to reduce calculation times, 3D models were originally
restricted to a single fuel pellet fragment and overlying cladding. The progressive
incorporation of pellet-clad friction [43], of fuel creep and fuel secondary cracking
[23], of fission-gas induced swelling [91] and of sophisticated FG models coupled with
fuel thermochemistry [92] to these early thermo-mechanical models is at the root of
the multi-dimensional fuel performance code ALCYONE.

In the last decade, the multi-dimensional FEM based code BISON has been
extensively developed with a similar approach aiming at the integration of the main
phenomena considered in fuel performance codes in 3D multi-pellet calculations of
fuel rods [93] [94] [95] [96] [97]. The BISON code is used by the BWR community
to determine the origin of fuel rod failure by PCI, related or not to a Missing Pellet
Surface [95] [86].

In this section, the complex boundary conditions required to model PCI in 3D
will first be recalled. Simulations results will then be presented to illustrate the
capacity of 3D models to catch the clad and pellet deformation during nominal irra-
diation and power ramps. The impact of fuel pellet secondary cracking, of fuel pellet
creep and burnup on PCI will then be discussed. The clad local loading obtained
from 3D simulations of PCI will then be analyzed to derive a thermomechanical PCI
failure threshold. To end this section, the 2D radial-axial FE models of PCI (2DRZ)
are discussed.
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5.2 Mesh and boundary conditions

In the next sections, the 3D model of ALCYONE will be used to illustrate PCI sim-
ulation during base irradiation and power ramps. As for the 2DRθ scheme presented
in section 4.2, the fuel pellet is assumed to be initially divided in 8 identical frag-
ments. Taking advantage of the symmetries (mid-pellet plane and mid-fragment
plane), only one quarter of a single pellet fragment and of the overlying piece of
cladding are meshed (see Figure 20).

The pellet fragment description accounts explicitely for the geometrical par-
ticularities of the fuel element (dishes, chamfers, ...). The boundary conditions,
illustrated in Figure 20, can be divided in three groups:

• In the axial direction, the boundary conditions must reflect the fact that the
fuel pellet is part of a fissile column enclosed in a cladding tube. At the inter-
pellet plane Ox0y0, unilateral contact conditions are prescribed (Uz ≥ 0 with
Uz the axial displacement). This condition is important to catch the hourglass-
ing of the fuel pellet. The axial condition at the top of the fragment (plane
Px1y1) and of the cladding piece consist in a uniform axial displacement Uz.
Before pellet-clad contact, the pellet and clad axial displacements are indepen-
dent. Upon contact, an axial locking condition is enforced to suppress the axial
relative movement between the pellet and the cladding, ∆Upellet

z = ∆U clad
z . As

shown by many three-dimensional simulations of fuel pellet cracking during
reactor startup [44] [48] [49], a transverse fracture plane develops first at the
mid-pellet plane. In ALCYONE, the smeared crack model (see section 4.3) is
used to model the development of transverse cracks in the 3D scheme.

• In the circonferential direction, the boundary conditions must account for
the neighbouring fragments. Pellet-pellet inter-penetration along the fracture
plane Ox0z is forbidden by the unilateral contact condition Uy ≥ 0. As in
the 2DRθ scheme, the pellet fracture plane opening stems from the solution of
the mechanical equilibrium. The radial and axial extensions of the fuel pellet
primary cracks are therefore not fixed a priori. On the opposit plane Or0z,
symmetry conditions imply that Uθ = 0.

• In the radial direction, the fragmentation of the fuel pellet must be considered.
In consequence, the pellet fragment central axis (Oz) must be free to move
radially but not interact with the other fragments (Ur ≥ 0). This condition
is essential to catch the pronounced radial shift of the fuel pellet fragment
(leading to clad ridges) in consequence of the fuel radial thermal gradient.

• Unilateral contact is assessed and the Coulomb model is introduced to simulate
friction-slip or adherence at the pellet-clad interface (see section 4.6).

Loading conditions are similar to those considered in 2D (section 4.2): the in-
ternal pressure (gas) is applied to the clad inner surface and to the pellet fragment
outer surface, the external pressure (water) is applied to the clad outer surface. The
temperature of the clad surface in contact with the coolant and the pressure of the
coolant are extracted from 1.5D fuel rod simulations and applied directly as bound-
ary conditions in the 3D calculations. In general, the simulation is performed at the
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PPN during the power ramp since it is the most likely location of standard PCI fail-
ures. In the fuel performance code BISON, the 3D simulations of standard PCI are
performed with a quarter of the fuel pellet including three radially orientated craks
of finite radial extension [96]. Analyses of PCI with a MPS rely on the modeling of
a 5 pellet rodlet with no initial radial cracks in the fuel.

5.3 Modeling of Fission Gas Release and Swelling

The contribution of Fission Gas Swelling to the overall deformation of the cladding
during PCI can be important and should be taken into account in 3D simulations.
Theoretically, the FGR and the FG swelling models should be closely related. In
most fuel performance codes however semi-empirical relations are used for fission gas
swelling generally expressed as a function of temperature and burnup (see Chapter
3.19 "Oxide fuel performance modeling and simulation"). When it comes to 3D
simulations of PCI during power ramps, the consistent formulation of FGR and
gaseous swelling becomes essential because both phenomena are strongly related to
the stress state in the fuel pellet which can vary significantly spatially and temporally
in consequence of fuel pellet creep and of pellet dishes [98]. The non homogeneous
radial deformation of the pellet during irradiation (higher at pellet ends) can also
lead to smaller temperatures at the pellet center near pellet ends and consequently
to some differences in FGR and gaseous swelling.

To explain the coupling and without going into the complex formulation of mech-
anistic FGR models (see chapter 3.20 "Modeling of Fission-Gas-Induced Swelling of
Nuclear Fuels" for an overview), the problem might be summarized as follows [99].
Gas release from the fuel to the free volumes in the rod may be described schemati-
cally as a three stage process. First, intragranular bubbles migrate to grain bound-
aries. The assumed mechanism is surface diffusion in a temperature gradient. The
flow of grain boundary gas to the interconnected porosity then occurs if the estimated
grain surface occupied by intergranular bubbles exceeds a pre-defined percentage of
the total grain boundary surface area. The transfer kinetics from the grain bound-
ary to the interconnected porosity is generally assumed to be proportional to the
difference in pressure between the corresponding gas populations. Finally, the flow
of gas through the interconnected porosity to the free volumes which ultimately
leads to its release is modelled as following a percolation law.

In advanced FG models, inter and intragranular swelling are considered. Intra-
granular bubbles coarsen as a result of both the influx of gas atoms from the matrix
and of coalescence of moving bubbles. However, the coarsening kinetics is dictated at
high temperature (above ∼1200◦C) by the diffusion and trapping of vacancies. The
fuel swelling computation is therefore based on the rate at which vacancies are cap-
tured by bubbles. The thermodynamic force governing the rate at which vacancies
are captured by bubbles is proportional to the difference in vacancy concentrations
between the concentration at the bubble surface and the thermal equilibrium va-
cancy concentration. The differential equation expressing bubble growth is generally
of the following form:

drb
dt

= −Du

kT
ω

1

rb

(
Pext +

2γ

rb
− Pb

)
(36)
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where rb is the bubble radius, Du the uranium self diffusion coefficient, T the
local fuel temperature, Pext the surrounding hydrostatic stress (calculated from the
stress tensor σ given by the fuel mechanical behaviour model, i.e., Pext = −1

3
σ : 1),

Pb the bubble inner pressure, γ the fuel surface tension and ω the volume occupied
by a molecule of UO2 in the lattice. A similar treatment is applied to intergranular
swelling, only bubbles are described as taking on a lenticular shape.

The strains associated to fission gas swelling can be estimated as a function of
the concentration in bubbles in the fuel and as a function of their radii:

εgs =
4

3
cbiaπαr

3
bia +

4

3
cbie

Sg
Vg
παr3bia (37)

where εgs is the gaseous swelling volumetric strain, cbia and cbie are the number
of intragranular and intergranular bubbles per unit volume of fuel, respectively, rbia
and rbie are the bubbles’ radii and Sg/Vg is the ratio between the grain boundary
surface and the grain volume.

Finally, the stress-strain constitutive law for the fuel material including the con-
tribution of fission gas induced swelling in addition to fuel creep and cracking strains
reads as follows:

σ = C :

(
ε− αfuel∆T1− εvp −

3∑

i=1

εcini −
1

3
εgs1

)
(38)

The above equations show how the fission gas swelling and mechanical behaviour
models are coupled. According to equation 36, small, highly pressurized bubbles
will have a tendency to grow. However, bubble growth is hindered as compressive
stresses are set up in the fuel pellet center during a PCI event. Fission gas fuel
swelling appears therefore as a balance which results from the diffusive phenomena
involved: fission gas, uranium vacancy diffusion and fuel creep.

In PCI simulations with FG swelling, the thermal, mechanical and gaseous
swelling problems are strongly coupled, resulting in the so-called multiphysics prob-
lem [91] [100]. As described schematically in Figure 21, the temporal resolution of
the coupled system of equations (heat balance equation, heat conductance in the
gap, mechanical equilibrium, constitutive laws, fission gas swelling) is done in the
fuel code ALCYONE in a sequential way for each time interval dt. First the ther-
mal problem is solved to determine the nodal temperature T at time t + dt from
the mechanical displacements U at time t. Second the mechanical equilibrium at
time t+dt (displacements U and stresses σ from the constitutive laws) is calculated
from the updated temperature field T and the gas swelling strains εgs obtained at
time t. The latter are then updated to give the gas swelling strains εgs at time
t+dt. This step-by-step process is then repeated with the new set of state variables
(T , U , σ and εgs) till the variations in temperature, displacements, stresses and
gaseous swelling strains at each node during two consecutive iterations are less than
prescribed tolerances.

To ensure a fast convergence and avoid oscillations, a specific acceleration algo-
rithm has been developed for the stress - gaseous swelling problem [91] [101]. The
difficulty is schematically explained in Figure 22. The evolution of the quantities of
interest (hydrostatic pressure and gas swelling strain) with each other are opposit.
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A decreasing hydrostatic pressure will favor the growth of fission gas bubbles and
hence increase gaseous swelling. An increase in gaseous swelling will on the contrary
increase the stress state and hence the hydrostatic pressure. An efficient way to im-
prove the slow convergence of the coupled problem is to use 2 successive estimations
of the hydrostatic pressure and of the gaseous swelling strain to get a new initial
value of the gaseous swelling strain closer to the solution.

In ALCYONE fuel performance code, two mechanistic models for FG behav-
ior are currently integrated in the iterative scheme of the fuel performance code,
designated by the acronyms MARGARET [102] and CARACAS [103]. Mechanistic
models for FG behavior are also integrated in the FEM based fuel performance codes
BISON [104] [105], FALCON [106] and FAST [107].

5.4 3D modeling of PCI

Results from 3D simulations of PCI with ALCYONE are presented in the next
sections. The mechanical models for the fuel and the cladding and the interface are
detailed in sections 4.3 to 4.6. The other models are referenced in Table 1.

5.4.1 Pellet clad gap closure

The mechanisms leading to pellet-clad gap closure and ridge formation in the cladding
during base irradiation can be decomposed as follows [90]. During the first power
increase, the radial thermal gradient leads to tensile stresses at the pellet periph-
ery and to the fuel fragmentation. The radial thermal expansion gradient and the
fuel fragmentation are at the origin of the non uniform radial deformation of the
pellet along its height, leading the so-called hourglass shape. The consequence is a
reduction of the gap first at the IP plane, as illustrated in Figure 23a.

During the constant power periods of the irradiation cycles, the fuel rod dimen-
sions will change due to the following phenomena:

• Densification and swelling of the pellet,

• Clad irradiation creep under a compressive stress state induced by the coolant-
rod pressure difference.

The competition between these phenomena leads to a decrease of the gap with
two main periods for PCI:

• first, a low interaction period with a gap closed only near the IP plane,

• second, a strong interaction period with a gap closed everywhere along the
pellet height and a significant contact pressure, generally around 5-10 MPa,
as illustrated in Figure 23b.

During PCI, the peculiar shape of the pellet is printed in the cladding because
inelastic strains related to irradiation creep tend to develop in consequence of the
external pressure. Moreover, the decrease of the clad diameter when contact is
established can reduce the magnitude of pellet radial deformation because of the
stress relaxation induced by irradiation creep in the pellet fragment. According to
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3D simulation results, it appears that the magnitude of clad primary ridges at the
end of base irradiation is the result of the competition between cladding and pellet
irradiation creep and also of the cladding anisotropy. The development of a high-
burn up structure in the pellets with pronounced gaseous swelling tends to reduce
the height of clad ridges by smoothing the radial deformation of the pellet during
the last irradiation cycles [7].

5.4.2 Clad and fuel deformations during power ramps

The behaviour of fuel rods during power ramps is complex and depends on many
factors: the geometry of the fuel pellet (height/diameter ratio of the pellet, dish
volume, chamfer dimensions . . . ), the power history (initial burnup, maximum
power, increase of power, power rate, duration of holding period . . . ), the thermo-
mechanical behavior of the fuel and of the cladding (thermal expansion of the fuel
pellet, cladding creep and plasticity, fuel creep, . . . ) and the fission gas swelling in
the fuel pellet [108].

The diameter increase of the cladding during power ramps is mainly driven by the
thermal expansion of the pellet and by fission gas swelling if the temperature of the
pellet is high enough. The contribution of gaseous swelling can be high particularly
if the holding period is exceeds 15 to 30 minutes or if the fuel rod has a high initial
burnup.

Cladding expansion during power ramps is first induced at IP level due to the
pellet deformation resulting from the radial thermal gradient (see Figure 24a). As
soon as the temperature at the pellet center is high enough, clad expansion at IP
level is limited by pellet dish filling due to creep of the fuel and gaseous swelling.

If the height/diameter ratio of the pellet is large (∼ 1.5), the impact of dish
filling on the MP plane will be small. Radial expansion will therefore be maximum
at MP level since dish filling will limit radial expansion at IP level [7], see Figure
24b. This is the reason why clad ridges at MP level can reach significant values (30
µm) and often exceed their IP counterparts by a factor 2 or 3, see Figure 25.

In general, clad ridges at MP level do not develop in the case of pellets with
height/diameter ratio ∼ 1, as shown by PIEs of BWR pellets. Clad strains induced
by pellet ends radial deformation remain therefore predominant in this configuration
leading mainly to clad ridges at IP level, see Figure 26. As shown by 3D simulations,
dish filling has consequences on the deformation of the MP plane in short fuel pellets
which explains the limited development of ridges at this level [7].

The kinetics of clad ridges development at MP level depends on the maximum
power during the power ramp since the radial expansion of the pellet and the fuel
creep depend mostly on temperature. In fact, the stress is at the power 4-8 in the
formulation of fuel creep strain rates which ensures very fast creep rates in case
of high temperatures. Figure 27 illustrates the evolution of the pellet diameter
increase during power transients due to the total swelling of the fuel pellet and to
gaseous swelling only, as a function of the maximum temperature of the pellet [98].
Also plotted is the evolution of dish filling. The plots were obtained from the 3D
simulations results of more than 50 power ramps on UO2 fuel rods.

As can be seen, when the pellet maximum temperature is greater than 1800◦C,
FG swelling has some impact on the fuel fragment expansion. The contribution of
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gaseous swelling to the total diameter increase of the pellet during power transients
remains however small and does not exceed 25% for the fuel rods considered in
Figure 27 (average burnup < 45 GWd/tU). A threshold temperature can also be
defined for complete dish filling in the 3D simulations. It is close to 1700◦C and
hence of the same order than the 1800◦C for FG swelling activation. Simulation
results indicate furthermore that 100% dish filling is usually reached within a few
minutes during the holding period if the power is sufficient. The residual ∼ 80%
dish filling that is calculated is a consequence of the thermo-elastic shrinkage of the
fuel pellet during cooling which leads to a small reopening of the dish.

5.4.3 Fuel pellet cracking

The development of secondary cracks in the fuel pellet fragment during nominal ir-
radiation and power ramps is illustrated in Figure 28 by the presentation of isovalues
of crack strains [23].

The end of nominal irradiation is characterized by the extension to the pellet
center of an axial crack located at the MP plane. This crack actually appears during
reactor startup but it closes at the pellet periphery at the end of nominal irradiation
(or during any intermediate cooling phase) owing to fuel thermal shrinkage. The
crack reaches the pellet center in the simulation because of the high tensile residual
axial stress generated by fuel irradiation creep. Bentejac et al. showed that consid-
ering a MP axial crack is essential to avoid the formation of a clad ridges at MP level
during nominal irradiation [89]. No secondary radial crack appears during nominal
irradiation, showing that the initial fragmentation in 8 identical pieces is consistent
with the stresses induced by the thermal gradient during the first power increase.

During the power ramp, the mid-pellet axial crack is closed because of the radial
thermal gradient which leads to compressive stresses close to the fragment central
axis (see Figure 28). During the transient stage of the power ramp, new axial and
radial cracks appear on the fragment external surface as a result of the biaxial
tensile stress state induced by the thermal gradient and friction at the pellet-clad
interface. At the end of the power ramp, these new axial cracks formed at the pellet
periphery and of limited radial extension due to the compressive stresses at the
pellet center, extend to the fuel pellet core during power shutdown. The radial cracks
generated when RTL is reached, are partially closed after shutdown. Simultaneously,
circumferential cracks appear at approximately MP radius. The radial position of
the latter is approximately equal to the radial extension of secondary radial cracks
formed during the power ramp. It is furthermore related to the FG swelling that
maintains significant compressive stresses in the central core of the fuel pellet in
spite of fuel creep.

5.4.4 Assessment of a 3D model for PCI

A comparison between calculated and experimental measurements of the cladding
outer diameter before and after the power ramp test is presented in Figure 25. In
theory, the experimental data available for each single pellets could be compared
to 3D simulations. In practice, the simulations are usually restricted to the pellet
situated at the PPN during the power ramp, since it is the most likely location of
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a PCI failure. The differences in initial burnup of the rodlets, maximum power and
power increase during the ramp, duration of the power plateau lead to significant
differences that a 3D model of PCI is expected to catch. Detailed comparison based
on clad residual profilometry may include out-of-pile residual diameters after nomi-
nal irradiation, residual diameter increases at inter-pellet and mid-pellet level during
power ramps, clad inter-pellet and mid-pellet ridges heights [109]. 3D simulations
have a good capacity to assess the residual clad diameters after nominal irradiation
and power ramps and the increase in residual diameter at MP and IP level during
power ramps. The assessment of clad ridges heights is less precise owing to the
small magnitude of clad ridges (5-15 µm in most cases) and the important exper-
imental dispersion (±3µm on ridges heights from 8 generatrices and 7 successive
pellets [109]). The impact of pellet height on the development or not of ridges at
the MP level is however one of the outcomes of 3D simulations [7].

The behaviour of the fuel pellet at IP level is rather complex since it results from
a compromise between the pellet thermal and gaseous swelling which tend to increase
the diameter, and the filling up of the dish due to fuel creep at high temperature
which tends to reduce the diameter expansion. Therefore, data concerning dish
filling are of importance to check that creep rates of the fuel are correctly estimated.
In fact, overestimated dish filling leads to underestimated IP ridges and IP diameters
[111]. Figure 29 gives an overview of the calculated dish fillings (residual) after ramp
tests compared to experimental measurements.

The experimental residual dish filling are separated in three main categories
depending on the holding period of the power ramp: 1) zero holding time (dish
filling less than 20%), 2) short holding period less than 16 minutes (dish filling
between 15 and 80%), 3) long holding period exceeding 16 minutes (dish filling >
60%). Figure 29 shows that the calculated dish fillings are well estimated by the
3D model. In particular, small dish fillings (< 20%) obtained on ramp tests with
no holding periods, very important for assessing the clad loading during the power
transient (and hence PCI failure), are correctly estimated. In practice, a more
detailed assessment of calculations can be made by comparing the residual radial
shape of the dish to the simulations, as illustrated in Figure 29.

From optical micrographs, the distribution, length and number of radial cracks
can also be estimated after power ramps (see Figure 6). As discussed in section
4, the number and length of the radial cracks formed during a power ramp are
dependent on the fuel material properties (tensile strength and fracture energy) and
on the friction coefficient. These detailed information can be compared to 3D FE
simulation results to check the magnitude of these parameters [113].

5.5 Analysis of clad loading in 3D simulations of PCI

5.5.1 Strain and stress concentration in the cladding

The distribution of stresses and strains in the cladding at RTL (mean burnup ∼ 25
GWd/tU, max. power 42.5 kW/m), as calculated from a 3D simulation of PCI with
ALCYONE [114], are presented in Figure 30.

Overall, the expansion of the fuel pellet fragment leads to high tensile hoop
stresses in the cladding, with a mean value of ∼450 MPa. As can be seen in Figure
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30, the radial stress is maximum close to the IP plane, at the exact location where
the chamfer starts, due to the axially non uniform radial deformation of the fragment
and the contact discontinuity between two successive pellets. Consistent with the
observed localization of PCI failures in ramp tested rodlets [6], the hoop stress and
equivalent cumulated creep strain are maximum at the so-called triple point, i.e., in
front of a pellet radial crack, at the clad inner wall and in front of pellet ends, see
Figure 1.

5.5.2 Impact of fuel pellet cracking

The impact of fuel pellet radial cracking on clad local loading has been analysed
by the comparison of 3D simulations of power ramps performed on a standard UO2

fuel rodlet and on a UO2 Cr-doped fuel rodlet [114]. In spite of a higher maximum
power reached during the transient, the Cr-doped UO2 rodlet survived the power
ramp undamaged while the UO2 rodlet failed. Michel et al. attributed this improved
behavior to lower fracture properties (tensile strength, fracture energy) for the Cr-
doped UO2 fuel, as inferred from post-ramp PIEs that showed a higher density of
secondary radial cracks at the pellet periphery than in the standard UO2 fuel. The
3D simulation of the power ramp performed on the Cr-doped UO2 rodlet led to the
isovalues of crack strains presented in Figure 31, compared to those relative to the
standard UO2 rodlet. In consequence of the reduced fracture properties, secondary
radial cracking is, as expected, much more developed at RTL.

The mechanical fields of Figure 30 are plotted in Figure 32 for the Cr-doped UO2

fuel rodlet.
As can be seen, the calculated stresses and strains at the clad inner surface are

higher for the Cr-doped UO2 specimen than for the standard UO2 rodlet. This is
not consistent with the respective non failure / failure of the rodlets, respectively.
Hence, other mechanical quantities have been introduced by Michel et al. to analyse
clad loading [114]. The radial and tangential stresses, respectively σr and σt, were
defined at the pellet-clad interface from the nodal forces according to:

[σr] =
[~f ][~r]∫

S
[N(x, y, y]ds

and [σt] =
[~f ][~θ]∫

S
[N(x, y, y]ds

(39)

with [], a symbolic definition for a nodal quantity, ~f , the nodal force vector
at pellet cladding interface, ~r and ~θ, the unit radial and circumferential vectors,
N(x, y, z) the finite element interpolation functions and S the area of a clad FE on
the inner surface. According to this definition, the tangential stress σt represents the
shear load at the pellet-clad interface. The radial and tangential stresses calculated
for the two rodlets of interest are plotted in Figure 33.

A marked difference in the tangential stresses at the pellet/clad interface is ob-
served, with the maximum obtained in the case of the standard UO2 rodlet (∼ 110
MPa in Figure 33b, ∼ 50 MPa in Figure 33d for the Cr-doped UO2 rodlet). This
result is the consequence of the more pronounced radial cracking of the Cr-doped
UO2 rodlet during the power transient which leads to a relaxation of shear stresses at
the pellet-clad interface. Concerning the radial stresses, due to the chamfer height,
the maximum takes place at the exact location where pellet ends are in contact with
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the cladding. Interestingly, in both calculations, the triple point lies at the position
where both the radial and shear stresses are maximum.

5.5.3 Impact of fuel burnup and friction coefficient

This approach was extended to high burnup UO2 fuel rodlets (up to 60 GWd/tU)
by Sercombe et al. [19]. As discussed in section 4.6, an increasing burnup leads to
a modification of friction at the pellet-clad interface which increases the stresses at
the pellet periphery during a power transient and hence might increase significantly
the number of secondary radial cracks. To illustrate the importance of evolving
friction with respect to PCI failure propensity, three dimensional simulations of two
rodlet have been compared: a low burnup rodlet, irradiated 2 cycles (mean burnup
∼ 25 GWd/tU) ramped at an RTL of 425 W/cm, failed after a few minutes, a high
burnup rodlet, irradiated 4 cycles (mean burnup ∼ 50 GWd/tU), ramped with no
failure at 460 W/cm (holding time < 15 minutes). For both rodlets, the number
of secondary radial cracks were measured at MP and IP levels. At IP level, the
high burnup rodlet had approximately twice the number of cracks of the low burnup
rodlet. This difference in pellet secondary radial cracking was recovered in the 3D
simulations thanks to the use of the burnup-dependent friction coefficient given by
eq. 34 [19].

In Figure 34, the radial and shear stress distributions at RTL on the inner clad
surface of the low and high burnup rodlets are compared.

The distribution of both stress components is strongly modified by the develop-
ment of a high number of radial cracks in the case of the high burnup rodlet. A
smoother distribution of stresses with no strong localization at the inter-pellet plane
is obtained. The magnitude of shear stresses is also significantly reduced by radial
cracking (maximum of ∼200 MPa for the low burnup fuel and of ∼150 MPa for the
high burnup fuel). This result is consistent with the better resistance of high burnup
fuel rodlets in ramp tests [115].

In the case of radial stresses, a smoother distribution along the pellet height with
smaller maximum values is obtained for the high burnup rodlet. This distribution
is not a consequence of enhanced radial cracking but of the higher dish filling that
takes place in this fuel during the simulation of the ramp (∼10% dish filling for the
low burnup rodlet and 100% dish filling for the high burnup rodlet). Dish filling
leads to a very high radial stress relaxation mostly at the inter-pellet plane. The
higher power and the higher temperature in the pellet due to its higher burnup are
at the origin of the marked difference in dish filling in the simulations. Dislocation
creep is the main creep mechanism during ramp testing which explains the marked
temperature dependency.

5.5.4 PCI failure threshold in 3D models

From 3D simulations with ALCYONE, a failure curve based on two calculated
quantities, the mean circumferential stress in the cladding and the interfacial shear
stresses at pellet-cladding interface, was proposed [114]. The authors analyzed with
2DRθ simulations the impact of prescribed interfacial shear and radial stresses on
the distribution of hoop stresses in the clad inner wall. They showed that shear
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stresses are by far the most important loading, confirming the importance of fric-
tion at the pellet-clad interface. Instead of the local maximum shear stress at the
pellet-clad interface, an energy density due to circumferential friction forces during
the transient stage was used [114]. This parameter, calledWrθ, is calculated from the
energy dissipated at the pellet-clad interface, divided by the surface of a potential
through wall crack in the cladding, as detailed in eq. 40:

Wrθ =

∫
Spellet

1
2
(fθ1 + fθ2)(∆uθ2 −∆uθ2)

Scladding
(40)

with fθ the circumferential component of the tangential nodal force at the pellet
clad interface, ∆uθ the circumferential component of the tangential displacement
discontinuity at the pellet-clad interface (see Figure 35). Subscripts 1 and 2 refer
respectively to the value of the variables at the beginning and at the end of the
power transient. Spellet and Scladding are the pellet external and clad lateral surfaces,
as shown in Figure 35.

This parameter can be considered as an upper bound of the energy density due
to shear loading at the pellet clad interface that contribute to the cladding damage
by I-SCC. In this approach it is assumed that the shear energy integrated on Spellet is
available for the formation of a through wall crack of surface Scladding, which means
that Wrθ can be approximately compared to the cladding toughness.

The two parameter PCI failure threshold (mean hoop stress in the cladding,
shear energy density) has been applied to a database of 9 power ramps simulated
in 3D with the code ALCYONE [114]. It was possible to clearly separate the failed
fuel rods from the non failed, in which group the Cr-doped UO2 pellets had reached
very high RTL. The non failure of these rods was related to the reduced shear energy
density in consequence of an increased number of secondary radial cracks.

Capps et al. tried to use the peak cladding hoop stress calculated with BISON
from a 3D pellet model [47] to separate the failed and non failed rods from a database
of 15 power ramps already analyzed with the FALCON code [87]. They could not
identify a clear failure threshold stress, confirming the difficulties encountered in
ALCYONE with a local stress-based criterion. Their analysis was exdented to three-
dimensional simulations of a multi-pellet rodlet with an MPS where they obtained
good correlations between the MPS width, the peak clad stress and the peak fuel
temperature, thus confirming the deleterious impact of a MPS on the PCI failure
threshold.

5.6 2DRZ Finite Element model for PCI

2DRZ axisymmetric Finite Element models are probably the most widely used mod-
els for PCI, due to the low computer cost required to run calculations compared to
3D. In this section, only the fuel performance codes dealing with discrete pellets will
be discussed. A number of codes are based on a 2DRZ axisymmetric continuous
representation of the fuel column which is close to the 1.5D representation where
the fuel pellet geometry is not explicitely included. Discrete 2DRZ pellet models
are available in the FALCON code (individual pellet) [45] [46], in the FEMAXI code
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(individual pellet) [116], in the BISON code (multi-pellet) [95], in the FAST code
(multi-pellet) [107] and in the ALCYONE code (individual pellet) [117].

While the stress concentration in the cladding resulting from fuel pellet radial
cracks cannot obviously be catched by 2DRZ simulations, a number of experimental
observations related to PCI can be reproduced. Among them, the increased clad
loading in front of pellet ends and the partial or total dish filling during power
transients.

In 2DRZ simulations including pellet creep/cracking and clad creep and plastic-
ity, Rashid showed that the formation of clad ridges at the pellet interface but also
secondary ridging at MP level could be reproduced [118]. The author developed
a damage model to account for the loss of material stiffness in the directions per-
pendicular to the crack surfaces, leading to an orthotropic material behavior. This
model is used in the FALCON code [45] and was recently implemented in the BI-
SON code [94]. A similar approach is implemented in the FEMAXI code [116]. One
interesting advantage of the 2DRZ representation is the lack of mesh dependency of
the fuel radial cracking.

Helfer compared his 2DRZ simulation results to 3D simulations performed with
ALCYONE and to experimental measurements of the external clad profilometry
[117] [119] [120]. The pellet-clad gap closure kinetics, the development of IP clad
ridges during base irradiation and of MP clad ridges during power ramps, as illus-
trated in Figure 36, were recovered by the 2DRZ simulations under the condition
that fuel pellet radial cracking was included in the calculations [120]. To acount for
the loss of material stiffness in the directions perpendicular to the radial direction,
Helfer developed a damage model very similar to the one proposed by Rashid. The
development of fuel pellet radial cracking during base irradiation is illustrated in
Figure 36 by plotting the undamaged/damaged areas. Similar damage distribution
are reported by Williamson et al. with the BISON code [94]. To illustrate the corre-
lation between pellet hourglassing in 2DRZ simulations and the damage associated
to radial cracking, the calculated radial displacement of the points situated on the
symmetry axis is also plotted in Figure 36.

To account for radial cracking of the fuel pellet and hence increase the calcu-
lated IP clad ridges in the FAST code, Prudil et al. chose to add a crack strain
component to the circumferential component of the elastic strain tensor to ensure
that the elastic strain is always less or equal to zero. This approach corresponds to
a limiting case where there is an infinite number of radial cracks and no stiffness in
the circumferential direction [107].

6 PCI modeling with fuel thermochemistry

6.1 Introduction

The assessment of the PCI resistance of fuel rods during in-reactor irradiation relies
on thermo-mechanical calculations performed with fuel performance codes, based on
the conservative assumption that iodine is always available in sufficient quantities
to induce I-SCC. While this approach together with constraints on power variations
has given excellent results over the years, the development of UO2 fuels with small

34



quantities of dopants [121] [122] has raised questions on the origin of their generally
improved behaviour during ramps tests. In addition to the fuel thermo-mechanical
properties (creep [13] [123], cracking), dopants might also modify the chemistry of
volatile fission products (caesium, iodine, . . . ) and this mechanism may be of some
importance with regards to PCI-SCC failures. Testing of hyper-stoichiometric UO2

fuels with O/U up to 2.05 have shown that a small excess of oxygen in the matrix
can lead to higher RTL without failure of the rods [5]. It has been suggested by the
author that this improved behaviour was of chemical rather than mechanical origin.
In fact, oxygen might compete with iodine at the clad surface and inhibit I-SCC
or reduce the general pitting attack observed in pure iodine. Scanning Electron
Microscopy with Energy Dispersive X-ray Spectroscopy (SEM/EDS) analyses of Al-
Si-O additive fuels have shown the formation of a Cs-Al-Si-O compound at the grain
boundary that could trap volatile species [124], such as iodine, and therefore explain
the PCI resistance of these fuels at high power.

The modeling of volatile fission products chemistry in the fuel applied to PCI
is still very limited. For PWR fuels, Baurens et al. have detailed a 3D calculation
of a power ramp with thermochemical calculations of fission products chemistry
and release with emphasis on the resulting partial iodine pressure at the clad inner
wall [92]. Piro et al. studied the fission products chemistry during the irradia-
tion of a UO2 fuel up to a burnup of around 100 GWd/tU [125] [126]. Based on the
calculated shape of the radial profile of oxygen potential in the fuel, the authors pro-
posed an explanation for the PCI mitigation of high burnup fuels related to oxygen
transport at the pellet periphery. Preliminary simulations with BISON including
thermodynamic calculations of irradiated fuel and oxygen transport are reported in
reference [127]. The 3D thermo-chemical-mechanical calculations of Baurens et al.
were recently extended to account for oxygen transport in the fuel [128] [129] [130].
The authors analyzed the consequences of oxygen transport on the chemistry of the
fission gas released from the fuel pellet during a power ramp.

In this section, an overview of these modeling approaches for PCI including fuel
thermochemistry and oxygen transport will be given.

6.2 Thermochemistry of irradiated fuel

Most thermochemical models used in thermodynamic analyses of irradiated fuel
define the equilibrium state of the multiphase and multicomponent system at hand at
given temperature and pressure by the minimization of the Gibbs energy [131] [132]
[133] [134]. Calculations for irradiated fuels require comprehensive thermodynamic
data for all the compounds which are likely to be formed in the gaseous, liquid and
solid state [135] [136] [137]. In general, the thermodynamic database includes one
or several models describing the solubility of fission products (plutonium, rare earth
mostly) in the uranium dioxide matrix in order to catch the pronounced evolution of
the oxygen potential of the fuel with irradiation. For more details, see the chapter
1.17 "Computational Thermodynamics: Application to Nuclear Materials". Among
the main iodine compounds of interest for PCI, the following species were considered
in the 3D coupled thermo-chemical-mechanical simulations of Baurens et al. [92]:
CsI(s), CsI(l), CsI(g), Cs2I2(g), I(g), I2(g) and TeI2(g). In these simulations, special
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attention was given to tellurium diodide since experimental results obtained on UO2

fuel rods after a power ramp with no holding period showed a co-location of iodine
and tellurium at the clad inner wall [138].

The thermodynamic calculations require initial estimations of the quantities of
FPs in the fuel. The latter can be provided by complex neutronic calculations
that account for all the isotopes and their decay chains [126] [139] [130]. Such
calculations are necessary when nominal irradiation is considered since the FPs
inventory increases progressively during irradiation cycles. For power ramps which
are of particular interest in PCI analyses, the FPs inventory can be assessed by
empirical correlations usually expressed as a function of burn-up [92], since the
burnup of the fuel does not evolve significantly. In consequence of the often long
period of time between the end of reactor irradiation and the power ramp, only the
stable isotopes need furthermore to be considered. Concerning iodine, Fregonese et
al. showed that the quantity of radioactive iodine isotopes created during a power
transient performed on a fuel rod irradiated during 2 cycles in a PWR was negligible
compared to the stable part [140].

To simplify the thermochemical analyses and to compensate for the lack of some
specific thermochemical data, several authors reduce the number of FPs by grouping
together those with a similar physico-chemical behavior [141] [134] [92]. An example
of such arrangement is given in Table 2, the starting point of thermochemical calcu-
lations with ANGE, the thermochemical solver used in ALCYONE fuel performance
code.

6.3 Thermochemistry and Fission Gas Release

The use of a thermochemical solver in a fuel performance code gives access to a
great number of gas species that are formed by reaction between the FPs. The
question of how these gas species move in the fuel and of how they are released from
the fuel is not well established. In severe accident conditions, it is well known that
the FP release depends on the thermochemical conditions applied to the fuel pellet,
whether oxidizing or reducing [142] [143] [144]. The thermochemical equilibria at
hand in the fuel are thus of importance to assess the chemical form of FPs in the
gas phase and their release kinetics [145]. In PCI studies, only the central part
of the fuel pellet reaches high temperatures where thermodynamic equilibrium can
be considered. Fuel melting being unlikely (max. temperatures generally below
2500◦C), it is reasonable to assume that only the gas species that are formed in the
fuel can be released in the free volume of the rodlet. Condensed phases and species
in solid solution in the fuel can thus be assumed immobile.

Baurens et al. adopted the following approach to couple the fuel performance
code ALCYONE with the thermochemical solver ANGE and the inert fission gas
release model MARGARET [92]. As illustrated in Figure 37, at each time step of
a typical loading sequence, the thermochemical solver ANGE provides the spatial
distribution of the concentrations in gas species. Ideal binary mixtures of each gas
species with the major gas component, i.e., xenon, are then considered to define
the transport of the minor components. The molar flux of each gas species i to
the rod free volume (Jgas(i)→rod) is obtained from the inert fission gas flux (JXe→rod)
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given by MARGARET and from the proportion of the gas species i (ni) in the
interconnected bubbles/pores filled with xenon (nXe). Note that this formulation
implies that all the gas species i are available at grain boundaries. At each time
step of the simulation, the quantities of each FP released in the rod free volume is
subtracted from the total amount of each FP considered in the chemical equilibrium
calculations. The observed consistency between the calculated radial profiles of FPs
remaining in the pellets with SIMS measurements (I, Te, Cs, Xe) after a power ramp
justifies a posteriori this treatment of chemically active gas release [92].

6.4 Evolution of Fission Products during a power ramp

A 3D simulation was performed by Baurens et al. [92] to study the FP distribution
during a power transient. The power ramp was particularly interesting for PCI-
SCC studies because of the high power reached (RTL of 52 kW/m) which had led
to the development of I-SCC cracks on the inner surface of the cladding with a
maximum penetration of around 100 µm. The short hold time (90 s) did not permit
the extension of the cracks across the full thickness of the cladding thus leading to
a rare case of a power ramp with PCI-SCC initiation but no failure.

The calculated fraction of rare gas (Xe, Kr) released from the pellet fragment
during the power ramp, as illustrated in Figure 38, are strongly related to the axial
hydrostatic pressure gradient in the central part of the pellet. In consequence, the
release of inert fission gas at the IP plane is approximately equal to twice that
calculated at the MP plane when the RTL is reached. The IP plane where the
hydrostatic pressure is the lowest was shown to release the most. These results are
an illustration of the strong coupling that holds between FGR and the stress state
in the fuel pellet, as discussed in section 5.3.

The calculated fractions of iodine and caesium released from the pellet fragment
during the power ramp are also shown in Figure 38. Since the volatile fission prod-
uct release during the power transient and the holding period is related to the inert
fission gas percolation flux, the iodine and caesium release from the pellet are also
more pronounced near the IP plane. The axial gradient of species release at the
pellet center is, however, much more pronounced than for xenon. At RTL, iodine
release from the pellet center exceeds 90% close to the dish for approximately 30%
at MP level. This result stems from a major impact of thermo-mechanics on ther-
mochemistry. In fact, at MP level, the high hydrostatic pressure resulting from the
stresses in the oxide matrix reduces the formation of gaseous species (other than
inert gases) to the benefit of liquid or solid species. Conversely, at the IP level,
the hydrostatic pressure is much lower which favors the formation of gaseous com-
pounds, and the xenon flux is much higher. Consequently, the local release of iodine
at the IP level is three times higher than at the MP level.

6.5 Chemical speciation of iodine in the fuel

Baurens et al. analyzed the chemical speciation of the iodine released from the fuel
during a power transient [92]. The majority of the iodine was found to come from
CsI(g) and to a lesser extent from TeI2(g). The spatial distributions of CsI(g) and
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TeI2(g) during the power ramp are given in Figure 39.
The time evolution of gaseous CsI(g) shows a very pronounced axial gradient

during the power transient followed by a reduction of the quantity close to the dish
and a stable distribution during the holding period. It may be noticed that even
if the bulk of the gas phase is preferentially released close to the dish, the local
concentration in CsI(g) remains high (in yellow near the IP center, values close to
10−4 mol/mol UO2). This stems from the solid-gas or liquid-gas equilibrium at hand
in the fuel (CsI(s,l) ⇀↽ CsI(g)) which ensures that the released quantity of CsI(g) is
replaced instantaneously.

The evolution of TeI2(g) given in Figure 39 is different from that of CsI(g). It
appears at the fuel center during the power transient before the other gas components
due to its formation at lower temperatures (around 1200 K) from the reaction of
MoO2(s) with Te(l,s) and CsI(s,l). Consequently, TeI2(g) is released sooner during the
power transient, in particular near the pellet fragment dish. At RTL, the local IP
concentration in TeI2(g) is nill while it is still increasing at MP level. During the
holding period, no change in the TeI2(g) distribution is observed. Contrary to CsI(g),
TeI2(g) is therefore available in the fuel pellet center and near the dish only during a
short period of time. This stems from the fact that upon a given temperature level
(1900 K), TeI2(g) is destabilized in favor of CsI(g).

6.6 Thermo-chemical-mechanical based PCI-SCC initiation
criterion

The occurrence of PCI-SCC in a ramp test depends on three main factors [2] [4]: a
sufficient stress in the cladding, a release from the pellet of a sufficient quantity of
corrosive gases, the presence of a corrosive chemical environment at the clad inner
surface.

6.6.1 Stress state

As shown in section 5, three-dimensional simulations give access to the stress state
at the triple point where I-SCC failures are usually observed. The triple point is the
location of the maximum stresses during the power transient (see Figure 1). The
hoop stress gradient across the clad thickness is also particularly high in front of the
triple point. The hoop stress at the triple point obtained from 3D simulations has
been used directly by Baurens et al. [92] to assess the risk of failure by PCI-SCC.

6.6.2 Chemical form of corrosive gases

The release of inert fission gas is usually integrated in fuel performance codes but
few of them actually give an estimation of the other minor gas species that form
in the fuel. Generally, the release of different iodine isotopes is considered based
on the Release/Birth model [146] [147] and used to estimate the onset of PCI-SCC
in the cladding [148] [149]. Some models also account for iodine diffusion in the
cladding to define local concentration thresholds for I-SCC initiation/propagation
[150] [151]. Attempts have also been made to quantify the recoil implanted iodine
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in the cladding, but it was found of no impact on I-SCC compared to diffusional
release of iodine [140].

The origin of the iodine involved in PCI has often been attributed to the domi-
nant and most stable component from a thermodynamic point of view, i.e., CsI(g).
However, it is well known from laboratory experiments that this iodide compound is
not in itself able to provoke I-SCC failures. Dissociation of CsI(s) by gamma radia-
tion radiolysis has been proposed as a possible mechanism leading to the availability
of molecular iodine in the vicinity of the clad surface [146] [152] [153] [140] [3]. In
the 3D thermo-chemical-mechanical simulations of Baurens et al., four main gas
species containing iodine are released from the pellet: CsI(g), TeI2(g), I(g) and I2(g)
with CsI(g) as the most abundant gas species (96%) and a 90-10% proportion of
TeI2(g) and I(g)+I2(g) for the remaining part (4%). The Gibbs energies of the poten-
tial reactions of I(g), I2(g), CsI(g) and TeI2(g) with zirconium are plotted in Figure 40
as a function of temperature. Only the reactions having a negative Gibbs energy
are thermodynamically favored.

All the reactions considered in Figure 40 lead to the formation of gaseous ZrI4(g),
which is generally believed to be at the origin of I-SCC crack initiation [2] [4]. As
expected, Figure 40 shows that the formation of ZrI4(g) from CsI(g) is not likely to
take place. On the contrary, the formation of ZrI4(g) from I(g) and I2(g) is favored
at all temperatures. The reaction between TeI2(g) and zirconium is likely to occur
only at temperatures lower than 900 K. The temperature of the pellet-clad interface
is close to 700 K meaning that the TeI2(g)/Zr reaction is also a possible candidate
for I-SCC by ZrI4(g). This raises the question of what part of the released iodine
should be considered for I-SCC initiation. A lower bound for a PCI-SCC initiation
criterion should at least include the iodine from the corrosive species released by the
pellet. This comprises iodine from TeI2(g) and I(g)+I2(g) but excludes CsI(g).

6.6.3 Accessibility of the clad inner surface to volatile gases

The third factor for PCI-SCC to occur is the presence of a corrosive chemical en-
vironment in the vicinity of the clad inner surface. This actually depends on the
accessibility of the clad inner surface to the volatile gases released by the central
part of the pellet. In a fractured dished pellet with a chamfer, there are theoretically
two possible path for the gases to reach the cladding: the radial cracks and the dish
/ chamfer voids. The relevant cracks are those formed during base irradiation which
usually extend to the pellet center (see section 2.3). Figure 41 gives the calculated
opening of the pellet crack on the fracture plane of the 3D fragment model at RTL.
It shows that the crack is closed on about half of the pellet radius at MP level
and on almost two thirds of the pellet height. On the contrary, the radial crack is
opened till the center of the pellet near the pellet ends (IP level). The latter is a
consequence of the hourglassing of the fragment which shifts the fragment from the
axis of revolution of the pellet and consequently liberates some space between the
fragments. Similar results were reported by Klouzal and Dostàl from 3D simulations
performed with the FE code ABAQUS [41].

In the 3D simulations of Baurens et al., it was further shown that most of the gas
species of interest (CsI(g), TeI2(g), ...) form and are released near pellet ends (dished
ends) due to the reduced hydrostatic pressure. Since gas release occurs where the
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radial crack opening reaches the pellet center, this could also explain why failure
by I-SCC usually takes place in front of pellet cracks and near pellet ends (apart
from the stress concentration factor). The calculated maximum half-crack opening
at the pellet periphery is close to 15 − 20 µm which means that the clad surface
accessible to iodine will be small. It is well known that size effects are of importance
for I-SCC since the flaw size probability distribution function is strongly dependent
on the clad surface [2] [150] [148]. A reasonable PCI-SCC initiation criterion should
therefore include some quantification of the clad surface accessible to reactive iodine.
An estimate of the surface is given by the product of the pellet half-height times the
size of the calculated crack aperture.

Finally, the possible condensation of gases on the cooler parts of the pellet has
to be considered. Thermochemical calculations show that condensation of CsI(g)
starts at a temperature of 1900 K and is complete at 952 K (melting temperature
of CsI(s) [154]). On the contrary, TeI2(g), I(g) and I2(g) remain in gaseous state at
all temperatures. CsI(g) is therefore likely to condense during its transport from the
pellet center to the clad inner surface [92].

6.6.4 PCI-SCC initiation criteria

Baurens et al. proposed a thermo-chemical-mechanical PCI-SCC initiation criterion
based on the clad hoop stress at the triple point and the iodine partial pressure in
the free volume of the rod [92]. Figure 42 gives the evolution during the simulated
ramp of these quantities together with the LHR and the dish filling. Time 0 refers to
the beginning of the holding period at RTL. A maximum stress exceeding 500 MPa
is reached at IP level approximately 50 seconds before the end of the transient and
maintained quasi-constant afterwards. Creep of the pellet due to the high central
temperature is at the origin of the levelling of the hoop stress during the transient.
Pellet creep leads to dish filling, the evolution of which is consistent with that of
the stress (Figure 42). The contribution of gaseous swelling to clad loading then
explains the lack of significant clad stress relaxation observed during the holding
period.

The evolution of the iodine partial pressure calculated is also plotted in Figure
42. The free volume used to obtain the iodine partial pressure is estimated at each
time step from the remaining volume of the pellet dish, the radial crack opening
and the plenum volume of the rod divided by the number of pellet fragments in
the rodlet. The iodine partial pressure reaches 60 Pa at time -60 s when the hoop
stress is maximum and increases tenfold at the end of the transient (time 0 s, pI >
600 Pa). This result has been compared to the threshold identified in mandrel test-
ing of irradiated zircaloy-2 tubes at 350°C in an anoxic atmosphere, which showed
the existence of a reduced I-SCC susceptibility below 60 Pa of iodine partial pres-
sure [155]. The partial iodine pressure was chosen rather than the quantity of iodine
per clad surface since dispersion of experimental thresholds in the abundant litera-
ture concerned with I-SCC is very high. This is due to the large variability of the
experimental conditions explored, mostly as regard temperature and oxygen partial
pressure, which are known to be the main parameters in I-SCC of zircaloy.

This 3D simulation was updated by Konarski et al. to include oxygen transport in
the fuel pellet [129] [130]. The authors concluded that oxygen redistribution during
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the power transient leads to a decrease of the calculated reactive iodine partial
pressure in consequence of the higher release of gaseous caesium which favors the
formation of stable unreactive CsI(g) in the fuel rod free volume.

7 Modeling of PCI-SCC failure

7.1 Introduction

The development and propagation of cladding cracks related to I-SCC has been
studied extensively in out-of-pile experiments. A review of the test conditions and
results can be found in references [2] [4] and [3]. The propagation of cracks induced
by I-SCC in the thickness of a zircaloy cladding is generally believed to be governed
by different mechanisms depending on the cracks’ depth:

• a pre-requisite to I-SCC is the breaking of the internal zirconia layer that form
on the clad inner surface, with the formation of a radial crack that reach bare
zircaloy.

• the subsequent propagation of the radial crack within the bare zircaloy re-
quires the establishment of adequate chemical conditions at the crack tip,
often associated to a Van Arkel process with iodine transport in the crack.
This mechanism requires time and is usually refered as the incubation period.

• once a proper chemical environment holds at the crack tip, the propagation of
cracks by I-SCC is first intergranular, as shown by many SEM observations.

• when the progression within the clad thickness reaches several tens of µm, the
intergranular propagation shifts to fast intragranular propagation.

• the last mechanism involves the ductile shear failure of the remaining clad
ligament when the crack reaches a few hundreds of µm.

In the present section, only the models developed for I-SCC within or in relation
to FE analyses of PCI will be detailed.

7.2 2DRZ PCI-SCC model

In part due to its shortcomings, the 2DRZ model has been scarcely used to study
standard PCI failure by I-SCC. A notable exception is the use with the FAST fuel
performance code of the model developed by Lewis et al. for PCI-SCC failure
[146]. A flow chart reproduced from Oussoren [156] illustrates in Figure 43 the main
phenomena considered in the mechanistic modeling of PCI fuel failure by I-SCC.

The model developed by Lewis et al. includes iodine diffusion and release from
the bulk of the fuel, an additional iodine release from the fuel surface (a necessary
adjustment related to fuel cracking to match the measurements performed on line
in CANDU reactors), CsI(s) radiolysis near the fuel pellet periphery to estimate the
amount of molecular iodine in the pellet-clad gap, iodine axial diffusion in the gap to
the location of the presumed I-SCC crack, instantaneous reaction with the zirconium
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alloy provided the hoop strain increment during the power transient (related to the
local inter-pellet clad ridges calculated by FAST) is sufficient to break the internal
zirconia layer (the threshold is identified from a large database of power ramps),
intergranular crack propagation till the stress intensity factor KI exceeds a critical
value KISCC leading to intragranular propagation and eventually to the ductile
failure of the remaining clad ligament if the fracture toughness K1C is exceeded. The
approach developed by Oussoren relies on a post-processing of the stresses calculated
by FAST, i.e., the progression of the crack in the cladding does not modify the 2DRZ
calculation. Linear elastic fracture mechanics is considered to estimate the stress
intensity factor. The model includes furthermore a specific axial iodine diffusion
process in the gap which is likely to control the failure kinetics. The methodology
has been applied to a very large database of power transients performed in CANDU
reactors on CANLUB graphite coated and standard fuels leading respectively to a
60 and 80 % failed versus intact prediction accuracy.

7.3 2DRθ PCI-SCC model

Jernkvist proposed a model for predicting PCI failure of fuel rods, based on 2DRθ
simulations of a 90◦ sector of a fuel pellet with a pre-defined radial crack of finite
length [148]. The clad and fuel materials are considered elastic, friction is taken into
account at the pellet interface. The proposed description accounts for the progressive
release of iodine from the fuel pellet by modeling the diffusion of a series of iodine
isotopes which are assumed to react instantaneously with the cladding. The I-SCC
crack propagation is simulated as a two step process with first, a transgranular
progression which kinetics depends on the stress intensity JI , the temperature T
and the iodine concentration at the clad inner wall I:

da

dt
= CF (I)

(
JI

JISCC

)n
exp

(
− Q

RT

)
(41)

with a the crack depth and Q the activation energy of transgranular cracking.
This process is only activated if the stress intensity exceeds a critical threshold
JISCC . The model includes an explicit description of crack propagation in the clad
thickness by using a finite element node release technique. Therefore, the stress and
displacement fields at the crack tip are continuously assessed during crack propa-
gation within the clad thickness and used to reevaluate the stress intensity J by
non-linear fracture mechanics (from the J integral [157]). When the clad fracture
toughness J1C is reached, ductile failure is considered until a through-wall crack is
calculated. The author showed that the crack propagation depth is very sensitive
to the pellet-clad friction coefficient. Jernskvist’s model neglects the kinetics asso-
ciated to iodine transport to the crack tip and the intergranular propagation phase.
As can be infered from eq. 41, the model relies on the determination of an initial
flaw size. The latter is estimated from a probability distribution function based on
Weibull theory, with parameters deduced from surface defects measured on zircaloy
samples.

Leboulch et al. considers iodine diffusion within zirconium below the tip of
an I-SCC crack as the rate-limiting phenomenon [11]. The transgranular crack
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propagation phase is neglected. The authors developed a coupled creep-damage
model for the cladding to describe the embrittlement and I-SCC crack propagation
[151]. The damage evolution is based on Kachanov’s model [158] and includes a
dependency on the local iodine content:

ḋ = A(I).max
(

σθθ
1− d

− σ◦(I); 0

)n(I)
exp

(
−Q
T

)
(42)

with d the damage variable (0 = uncracked, 1 = fully cracked), A(I) and n(I)
two parameters that depend on the iodine content. A stress threshold σ◦ also de-
pendent on the iodine content is included. The thermo-activation parameter Q, the
stress threshold σ◦ were identified by Jezekel et al. from pressure tube I-SCC tests
saturated in gaseous iodine performed on non-irradiated Zy-4 materials [159]. The
extension to irradiated Zy-4 claddings requires the modeling of iodine diffusion at
the crack tip within the zircaloy material which is derived from Miller’s model [150]:

dI

dt
=

1

τ
(Iext − I) (43)

with τ the characteristic time for iodine diffusion at the crack tip, Iext the clad
surface iodine content and I the local iodine content in the clad finite elements. In
Miller’s model, the characteristic time depends on the local hoop strain in the clad
element [150]. This coupling is not considered in Leboulch’s model [151]. The local
damage calculated by eq. 42 is however coupled with the clad viscoplastic behavior
law described in section 4.5 by adding a specific crack hoop strain εfθ which evolution
is dependent on that of the damage variable:

ε̇fθθ = ḋεuθθ (44)

εuθθ is the critical hoop strain to which corresponds a zero hoop stress. As for
the smeared crack model described in section 4.3 and to avoid mesh dependency,
the fracture energy associated to I-SCC crack propagation is dependent on the mesh
size in the tangentiel direction.

The model was applied by Leboulch et al. to the simulation of I-SCC pressurized
tube tests on irradiated Zy-4 samples with or without a pre-formed crack [151]. The
time to failure in the initially intact samples and crack propagation velocities in
the pre-cracked samples were recovered in 2DRθ simulations of the cladding tube.
The model has then been implemented in the 2DRθ scheme of the fuel performance
code ALCYONE to study the I-SCC crack propagation in front of an opening radial
pellet crack, as illustrated in Figure 44.

8 Conclusions
PCI modeling is a long story which started with the calculation of hoop stresses in
the cladding in front of an opening pellet radial crack. While analytical expressions
for elastic fuel and clad materials were first derived, the progressive development
of computer power led to the enrichment of the original models and the treatment
by the Finite Element Method. Among the phenomena that are now available in
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multi-dimensional thermo-mechanical modeling of PCI, clad plasticity and creep,
fuel creep and cracking, friction at the pellet-clad interface are known to be of
primary importance for the evaluation of clad stresses during a power transient.
Fuel swelling induced by fission gas has received attention in the past decade and
is now fully operational in 2D or 3D models for PCI. In the last years, the release
of minor fission products (iodine, tellurium, caesium) that are important for PCI
failure by I-SCC has been introduced in the simulations of power transients, based or
not on thermochemical calculations of irradiated fuel. The question of the origin of
iodine involved in I-SCC of the cladding remains opened, whether related to minor
iodide gas species released from the fuel or from the decomposition of solid ceasium
iodide formed at the fuel pellet clad interface by gamma radiolysis. Nowadays, with
the possible distribution of calculations on several processors, detailed simulations
of full rods or full reactor cores are becoming possible. In parallel, very detailed
experimental observations are now available that can be used to assess the validity
of all the ingredients of the PCI models.

Despite this progress in the modeling of PCI, the distinction between failed and
non-failed fuel rods from advanced simulation results is still a challenge. The reasons
are multiple: the stochastic nature of fuel cracking during reactor operation makes
any deterministic evaluation of clad stresses certainly conservative; the accessibil-
ity of iodide gaseous species released from the central part of the fuel pellet to the
clad inner surface depends on the pellet radial cracks and the zirconia coverage of
the cladding for which detailed characterization are scarse; the I-SCC mechanisms
are not fully understood, in particular, the complex chemical-mechanical conditions
leading to the initiation or not of a crack are the subject of current research through
the development of experiments with a strict control of the chemical environment;
the lack of experimental characterization of fuel mechanical properties (creep, plas-
ticity) on irradiated materials which makes simulations highly speculative. For all
these reasons, it is a current trend in PCI-SCC simulations that a non-negligible
number of non-failed fuel rods exhibit maximum clad stresses during power tran-
sients that exceed the stress threshold associated to failed fuel rods. Consequently,
many PCI-SCC criteria include a probabilistic treatment to explain the non failure
of some rods. Strong limitations of the power maneuvrability in reactor are also a
consequence of this general trend.

Improvement of PCI modeling aims primarily at overcoming these limitations
and at the understanding of the non-failure of some rods. A more realistic represen-
tation of fuel cracking, and in particular the consideration of the stochastic nature
of the phenomenon could explain the necessary up-to-now probabilistic treatment of
PCI. In this respect, a non-negligible number of papers released in the last years have
been concerned with fuel pellet cracking during reactor operations. While a three-
dimensional representation of the phenomenon is still a challenge, great progress
has been made in 2DRθ modeling. The consideration of internal zirconia formed
during irradiation and of evolving friction at the pellet clad interface are important
points in view of the low number of PCI failure in high burnup fuel rods. Whether
this good behaviour is related to the development of the softer HBS or not is still
a pending question. The chemical speciation of iodine with other FPs (tellurium,
caesium), its release from the fuel pellet and its interaction with the cladding are
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also topics in which more efforts should be devoted since small changes in the fuel
composition are likely to change the corrosivity of iodide gaseous species. The im-
portance of oxygen redistribution in the fuel pellet or released from the fuel pellet
when initially in excess on PCI-SCC mitigation has been the focus of some recent
papers.

Finally, a completely integrated approach in which pellet cladding interaction
and the development of I-SCC cracks are fully coupled is still lacking, in spite of the
available models. It will certainly be the focus of future developments.
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Figure 1: Stress and strain localization in the cladding in front of main cracks in
the pellet. Clading with ridges in front of pellet ends in consequence of pellet non
uniform radial deformation. Location of the triple point.
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step.13 Prior to the transient, a conditioning phase
is applied to reestablish the thermomechanical
and chemical state of the rod achieved at the end
of the base irradiation in the power reactor. The
power transient rate is often about 10 kWm�1,
but more severe rates up to 100 kWm�1 can be
applied to explore the influence of the ramp rate
on PCI resistance.16,17 In order to achieve all the
conditions required for the PCI failure, in addition
to a sufficient power increase from the conditioning
power, a sufficient holding time at the ramp terminal

level is necessary. This time is needed for chemical
conditioning of the environment experienced by
the cladding (related to incubation time of corrosive
fission products (FPs) as observed in iodine-stress
corrosion cracking (I-SCC) laboratory tests), and for
the detection of fission products release in the test loop
coolant.18 However, zero holding time sequence can
be usefully operated to improve understanding on
the principle phenomena involved during the critical
phase of the transient.19,20 Whatever the sequence
chosen, an important feature is the power determi-
nation method that must provide a good accuracy of
the local power in the fuel stack. For ramp tests
conducted in the ISABELLE1 loop from OSIRIS
reactor at CEA, power is known with an uncertainty
of �5.6% (2s).

The technological PCI limit of the different fuel
rod designs is derived from the analysis of a large
ramp test database, which has to cover a wide range
of burnup.21 Thanks to a standard method of ramp
resting, the PCI performance of standard and advanced
designs can be compared.

If there is evidence of higher PCI resistance of
MOX fuel,22,23 doped fuel,21,24 or advanced cladding
with protective coatings,18 the main challenge is to
understand the mechanisms responsible for the dif-
ferential behavior of the different types of fuel rods,
depending on cladding and fuel material, burn up
or loading conditions prior to the ramp test. To that
end, a set of nondestructive and destructive examina-
tions is performed on fuel rods before and after
the ramp test, including profilometry, eddy current
measurements, visual inspection, neutron radiogra-
phy, gamma spectrometry, gas puncturing, optical
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Figure 3 Stress corrosion cracking location after a pellet–cladding interaction rupture in power ramp test. (a) Axial crack

observed on the external surface of the cladding. (b) Through wall crack observed in the optical microscope on a cross-

section at the interpellet plane.
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Figure 2: Typical I-SCC failure after a power ramp. a) Axial crack observed on the
external surface of the cladding. b) I-SCC crack observed on a fuel cross-section
near the pellet-pellet interface.
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Fig. 1. Irradiation history and pellet radial crack pattern during normal (base irradiation) and off-normal (power ramps) operating conditions.

Fig. 2. Cross-sections of UO2 fuel rodlets (mean burnup ∼25 and ∼50 GWd/tU) after 2 and 4 cycles irradiation in a PWR  commercial reactor (left), after zero holding time
power  ramps (middle) and after 12 h long power ramps (right).

cracks after each power ramp has been measured from radial cross-
sections of the rodlets. Most of the measurements have been made
on radial cross-sections located at mid-pellet (MP) level (centered
with respect to pellet ends). In some cases, estimates of radial crack-
ing are available on cross-sections situated near the pellet ends and
will be referred as inter-pellet (IP) in the paper.

A distinction between radial cracks formed during base irradia-
tion (BI cracks) and ramp tests (PR cracks) has been made based on
the radial extension of the cracks: base irradiation cracks usually
reach the pellet center, power ramp cracks are usually circum-
scribed by the intragranular bubble precipitation radius which
roughly defines the outer limit where gas swelling and fuel creep
take place. The methodology employed for radial crack counting is
illustrated for fuel rodlet F2 in Fig. 3. The number of radial cracks
after base irradiation (BI cracks) refers to the radial cracks in the
cross-section that extend over the intragranular bubble precipita-
tion radius and reach the pellet center. The others are classified

as radial cracks formed during ramp tests (PR cracks). From cross-
counting comparisons, the uncertainty in the counting process has
been estimated around 10%.

2.3. Evolution of fuel rod cracking with burnup

The post-ramp crack measurements have been used in Fig. 4
to plot the evolution of the number of radial cracks at the end of
base irradiation versus the mean burnup of the fuel rodlet. Only the
measures made at mid-pellet level have been used. Fig. 4 shows that
there is no visible evolution of radial pellet cracking during normal
operating conditions with burnup. The average number of pellet
cracks is close to 10 with a standard deviation of ±3. This estimate
is consistent with the 3D calculations of Diard (2001) where a stable
cracked configuration was found with 8 fragments.

The evolution of the number of radial cracks formed during
ramp tests versus the mean burnup of the fuel rodlet is plotted

Figure 5: Irradiation history and pellet radial crack pattern during normal (base
irradiation), and off-normal (power ramps) operating conditions, reproduced from
[19].
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Fig. 2. Cross-sections of UO2 fuel rodlets (mean burnup ∼25 and ∼50 GWd/tU) after 2 and 4 cycles irradiation in a PWR  commercial reactor (left), after zero holding time
power  ramps (middle) and after 12 h long power ramps (right).
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counting comparisons, the uncertainty in the counting process has
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For the axisymetric model, crack assessment is
achieved through the same continuum damage
model used for secondary cracks in the single-fuel
pellet fragment. However, the axisymmetric hypoth-
esis leads only to a homogeneous solution in the
circumferential direction, for which secondary crack
density cannot be assessed. Thanks to the fuel crack-
ing model, the 2D r–z representation can be interest-
ing for the assessment of primary and secondary
ridges after irradiation. Finally, the 1D representation
of the whole fuel rod, which was first developed at the
beginning of fuel performance codes, is a useful sim-
ulation to assess the global behavior under irradiation
and compute many integral values such as fission gas
release and internal pressure.

3.22.4.8.3 Thermomechanical finite element

solver of the PLEIADES platform

Due to the complexity of nonlinear equations involved
in the thermomechanical problem of PCI modelling, a
numerical solver is needed. To solve numerically both
the thermal and mechanical problems, whatever the
dimension is, the retained method is the well-known
and general finite element method47,48 based on the
Galerkin method, where the unknown degrees of
freedom are the temperature T and displacement U
of each node of the fuel element mesh (as described in
the previous Section 3.22.4.8.2).

The thermomechanical coupling problem is
solved with a weak formulation consistent with the
nonlinear algorithm proposed for the multiphysics
problem associated with fuel element behavior

under irradiation (see Section 3.22.4.1). Thanks to
this coupling approach, according to the spatial dis-
cretization issued from the finite element method,
the two following separate algebraic equations need
to be solved to evaluate the evolution of a fuel ele-
ment under irradiation.

The thermal equation leads to the following sym-
bolic algebraic system to determine the temperature
inside the fuel element, including temporal effects
(e.g., power transients):

At each time t ; ½CT ðT ;Lext . . .Þ� d
dt
fTg

þ KT ðT ;Lext . . .Þ½ �þ ½HT ðT . . .Þ�ð ÞfTg
¼fFeqðt ;LextÞg ½37�

where {T } represents the vector of the nodal
unknown temperatures for the studied fuel element,
[CT] is the heat capacity matrix, which can be omit-
ted ([CT]¼ 0) in some cases, [KT] is the conductance
matrix (the Fourier’s law is assumed), the matrix [HT]
represents the heat surface convection transfer, espe-
cially through the pellet–cladding gap, and {Feq}
represents the prescribed thermal flux and tempera-
ture boundary conditions, and also the known inter-
nal heat sources. These matrices are worked out from
the material properties of each part of the fuel rod
(Section 3.22.4.4), and are function of the tempera-
ture (T) and other known loading parameters (Lext),
including the irradiation effects.

The (quasistatic) mechanical equilibrium is writ-
ten by the next symbolic algebraic equation whose
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Figure 11 Secondary crack network occurring after a transient loading.
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Figure 6: Cross-sections of UO2 fuel pellets after irradiation in a commercial PWR
reactor up to an average burnup of 25 GWd/tU (left) and after a power ramp test
with a 12h holding period, reproduced from [22] (middle). Separation of primary
and secondary radial cracks after a power ramp, reproduced from [23](right).
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with a maximum located at the pellet crack tip where shear stresses
change sign. By solving the problem of an infinitely thick flat clad
submitted on its inner surface to a uniform pressure and uniform
shear stresses with periodic change in its direction, Ranjan and
Smith (1980) proposed a closed-form solution for stress and strain
evolution through the cladding thickness. Based on finite element
analyses, this first solution was extended to the more realistic case
of a cladding with a prescribed uniform radial displacement on its
inner wall, as expected if the fuel is more rigid than the cladding.
Roberts (1978) analyzed the problem of a curved cladding of finite
thickness using the stress function approach in which the normal
and shear stresses at the cladding bore and surface were expanded
in terms of Fourier series. The stress and strain distribution along
the cladding thickness was  thus estimated in the case of a uniform
or exponential variation of the contact pressure and shear stresses
with angular position. Jackson (1987) extended Roberts’ analysis
to the case of a linear variation of contact pressure with angu-
lar position and a pressure differential acting across the cladding.
Nakatsuka (1981) proposed an approximate solution for stress and
strain evolution through the clad thickness based on plate bending
theory which he compared to PCMI expanding mandrel test meas-
ures. Retel et al. (2004) developed a curvilinear thin beam model
for the cladding to catch the stress concentration resulting from the
discontinuous contact pressure and the pellet radial cracks. Some
of these models are used in fuel performance codes to improve the
one-dimensional description of PCI (Yaung et al., 1985; Baron et al.,
2008). A pre-requisites to stress concentration models is that the
crack opening at the crack tip is known. In this respect, so-called
hoop enrichment models have recently been developed to trigger
the impact of the thermal gradient, of solid swelling and of the con-
tact pressure in a pellet fragment on the crack opening (Baron et al.,
2008).

Nowadays, progress in computational performance and finite
element codes has made possible the simulation of the thermo-
mechanical behavior of a fragmented pellet enclosed in a
viscoplastic cladding (Brochard et al., 2001; Marchal et al., 2009).
Two- or three-dimensional simulations of this problem are thus
proposed in the fuel code ALCYONE (Michel et al., 2008; Sercombe
et al., 2009) where the angular (and axial) distribution of the pellet-
clad interfacial contact pressure and shear stresses can be estimated
at any time of a power transient. Provided the mesh refinement
is sufficient, the stress and strain concentration in the cladding
in front of the pellet crack can be described, particularly in two-
dimensional calculations (Michel et al., 2008). The complexity of
the problem is due to the high level of interaction between adja-
cent pellet fragments (with partial crack closure along the pellet
radius) and at the pellet clad interface (unilateral contact and fric-
tion). In practice, it is important to assess the validity of the stress
and strain states in the cladding resulting from PCI as estimated by
the finite element method. In this respect, closed-form solutions
can also be useful.

In this paper, closed-form solutions which give the opening of
a pellet radial crack and the resulting stress intensification in the
cladding during typical in-reactor loading sequences are proposed
and compared to two-dimensional simulations of PCI performed
with the fuel code ALCYONE.

2. Pellet fragment crack opening model

2.1. Muskhelishvili’s formulation

Here, we consider a uniform bi-dimensional solid obeying to an
elastic isotropic behavior (G and � denote the shear modulus and
the Poisson’s ratio of this body). If no body forces are applied to this
solid and considering plane strain conditions, the two components

Fig. 1. Pellet fragment submitted to an isotropic swelling only (top), pellet fragment
submitted to an isotropic swelling and a contact pressure with two zones delimited
by  the contact radius (bottom).

of the displacement field, denoted by ux(x, y) and uy(x, y) in carte-
sian coordinates, can be expressed as a function of two potentials
(�(z), w(z)) of the complex variable z = x + iy as (Muskhelishvili,
1963):

ux + iuy = D(z) = 1
2G

[
(3 − 4�)�(z) − z�′(z) − w(z)

]
(1)

where z denotes the conjugate of the complex number z. If this
body is submitted to an isotropic stress free strain field �̂an(x, y),
additional terms appear in the former expression. When this stress
free strain field �̂an depends only on the radius r =

√
z z =

√
x2 + y2,

these additional terms read:

D(z) = 1
2G

[(3 − 4�)�(z) − z�′(z) − w(z)] + �an
1 z + �an

2 (z ln(z) − z)

+ 1
2

(
1 + �

1 − �

)
1
z

(

∫ √
zz

0

2t�an(t)dt) (2)

the stress free strain being decomposed as: �̂an(r) = �an
1 + �an

2 r +
�an(r). The strain and stress fields can be derived from the displace-
ment field by elementary algebraic manipulations. If the derivatives
of the two  complex potential are holomorphic functions of the com-
plex variable, the stress field satisfies the equilibrium equations.

2.2. Application to a pellet fragment submitted to an isotropic
swelling

The pellet is divided in N identical fragments. In this section,
the pellet cladding gap is open (see top Fig. 1). The internal pressure
being neglected, the outer surface of the pellet fragments is free. The
loading is a stress-free strain radial distribution corresponding to
an isotropic swelling approximated by: �an = ∑

k≥2�an
k+1rk. In this

general expression, the thermal strain gradient corresponds to k = 2.

Figure 7: Pellet fragment submitted to an isotropic swelling only (top), pellet frag-
ment submitted to an isotropic swelling and a contact pressure with two zones
delimited by the contact radius (bottom), reproduced from [39].
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Fig. 3. Deformed pellet fragment mesh and boundary conditions in the finite ele-
ment simulations with Cast3M (N = 12).

If we now use the relations (31) in Eq. (20), it is possible to
express the radial displacement at the inner surface of the cladding
(ur(b, �)) also as a linear function of K1:

ur(b, �) = A◦
G

(1 − 2�)b − B◦
2Gb

+ a

2G

∑

i≥1

(UiNx + K1UiNy) cos(iN�)

(32)

with
⎧
⎪⎨
⎪⎩

UiNx = [2(1 − 2�) − iN]A∗
iNx

RiN+1
s + iNB∗

iNxR−iN−1
s − iNC∗

iNxRiN−1
s + [2(1 − 2�) + iN]D∗

iNx
R−iN+1

s

UiNy = [2(1 − 2�) − iN]A∗
iNy

RiN+1
s + iNB∗

iNyR−iN−1
s − iNC∗

iNyRiN−1
s + [2(1 − 2�) + iN]D∗

iNy
R−iN+1

s (33)

Achieving a constant radial displacement on the inner clad wall is
by essence impossible with Roberts’ approach. In this work, to fulfill
that condition as much as possible, and hence to approach the case
of a hard pellet, a minimization of the angular variation of the radial
displacement is enforced by adding the following condition on the
contact pressure slope:

minK1

{∫ �m

�

[ur(b, �) − ur(b, �m)]2d�

}
(34)

which can be expressed as:

2

∫ �

�

[ur(b, �) − ur(b, �m)] ×
[

∂ur

∂K1
(b, �) − ∂ur

∂K1
(b, �m)

]
d� = 0

(35)

Use of relation (32) for ur(b, �) and of its derivative with respect to
K1 in the integral (35) and noticing that �m = �/N leads the mini-
mization condition in the following form:
∑

k≥1

∑

j≥1

[
UkNy

(
UjNx + K1UjNy

)]
× Skj = 0 (36)

with Skj given by:

Skj = (−1)j+k(�m − �) + (−1)k

jN
sin(jN�) + (−1)j

kN
sin(kN�)

− sin[(j + k)N�]
2(j  + k)N

− sin[(j − k)N�]
2(j  − k)N

(37)

Finally, the minimization condition (36) leads K1 as follows:

K1 = −
∑

k≥1

∑
j≥1UkNy.UjNx.Skj∑

k≥1

∑
j≥1UkNy.UjNy.Skj

(38)

4. Comparison to finite element simulations

4.1. Hoop enrichment model

Here we consider a pellet fragment (see Fig. 1) submitted to
a parabolic radial distribution of strain free stress �̂an(r) = �an

1 +
�an

3 r2 and a contact pressure Pc. The parabolic form of the stress
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Fig. 4. Impact of the thermal strains magnitude (�an
3 = −2.5 × 10−4, −5 ×10−4 and

−7.5 × 10−4 mm−2) on the crack opening calculated with the finite element and
analytical models.

free strain is representative of thermal strains experienced by fuel
pellets (Bailly et al., 1968).

In this particular situation, there are six unknown coefficients
(˛3, ˇ3, A, r0, � , Pc). First, (˛3, ˇ3) are explicitly derived from the
two relations in (8). Then, A is derived from relation (12). Finally
the contact radius Rc and the two parameters (r0, �) are deduced
from relations (14), (15) and (17).

This approximation of the pellet crack opening (u�(r, �m)) is
now compared to 2D plane strain simulations performed with the
finite element code Cast3M (Cast3M, 2011). The mesh and bound-
ary conditions are described in Fig. 3. Unilateral contact conditions
are considered on the fracture plane, i.e., u�(r, �m) ≤ 0. Note that
the contact radius (smallest radius where u� < 0) is not predefined
in the finite element simulations but results from the mechanical
equilibrium of the fragment submitted to a parabolic distribution
of strain (�̂an(r)) and to a constant external pressure (Pc).

In Fig. 4, the crack width (absolute value) along the radius
of the pellet fragment is plotted for three different thermal
strain magnitudes (�an

3 = −2.5 10−4, −5 .10−4 or −7.5 10−4 mm−2).
The remaining parameters are constant (Pc = 80 MPa, E = 200 GPa,
� = 0.3, N = 12). As expected, increasing thermal strains leads to
higher tip crack openings and smaller contact radii. The agreement
between the finite element solutions and the analytical estimates
is excellent.

In Fig. 5, the impact of the contact pressure on the crack open-
ing is assessed (�an

3 = −5.10−4 mm−2, E = 200 GPa, � = 0.3, N = 12
and Pc = 5 MPa  or 80 MPa). Increasing the contact pressure leads to
smaller crack tip openings with greater contact radii. These results
illustrate the closing of pellet radial cracks when strong PCI takes
place. The agreement with the finite element solutions is again
excellent.

Finally, the impact of the fragment size (N = 8, 12 or 16) on
the crack opening is illustrated in Fig. 6 (�an

3 = −5.10−4 mm2,
E = 200 GPa, � = 0.3, Pc = 80 MPa). Increasing the number of frag-
ments in the pellet obviously tends to reduce the crack tip opening
but has very little impact on the contact radius. The analytical
results are very close to the finite element solutions when N = 12
or 16. The agreement is however less good when N = 8. The crack
tip opening is well estimated but the curvature of the curve is too
pronounced and the contact radius is slightly overestimated (by
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10%). This result is due to the approximation used in the analytical
model to comply with the boundary condition on the pellet external
surface. The contact pressure is equilibrated by the average radial
stress which does not ensure that the latter is constant along �.
As shown in Fig. 7, when the fragment angle �m is important, the
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Fig. 7. Radial stresses on the pellet external surface versus angular position (zero is
at  the symmetry axis) as calculated by the analytical model for N = 8, 12 and 16.

Fig. 8. Clad mesh, boundary and loading conditions in the finite element simulations
with CAST3M (N = 8).

variation of the radial stress along the fragment periph-
ery is significant (−113 ≤ �rr ≤ −22 MPa  for N = 8 compared to
−87 ≤ �rr ≤ −67 MPa  for N = 16) and leads to the observed differ-
ences.

4.2. Stress concentration model

To assess the solution for the stress concentration problem, a
two-dimensional model of the cladding with prescribed shear and
radial stresses on its inner and outer walls has been built and solved
with the finite element code Cast3M (Cast3M, 2011). The mesh of
the cladding together with the boundary and loading conditions
are given in Fig. 8. We  assume here that the pellet is fragmented
in N = 8 pieces and because of the symmetries, we  represent only
one sixteenth of the clad cylinder (�m = 22.5◦). The mesh size in
the angular and radial directions is equal to 1 �m to catch the
stress/strain concentration in front of the crack tip. The cladding
has standard dimensions and material characteristics for Stress-
Relieved Zircaloy-4 PWR  fuel rods (a = 4.741 mm,  b = 4.171 mm,
E = 72 GPa, � = 0.34). The mean contact pressure on the inner wall of
the cladding is pmean

cont = 92 MPa, the gas pressure is pgas = 11.8 MPa,
the external pressure (pext) equals 15.5 MPa.

The analytical and finite element solutions are obtained as fol-
lows. First, the minimization of the angular variation of the radial
displacement (Eq. (34)) leads to the optimum slope K1 for the con-
tact pressure distribution on the clad inner surface (a crack tip
opening of � = 22 �m and a friction coefficient of 0.47 are consid-
ered). The resulting linear variation of the contact pressure and
shear stress are then applied in the finite element model, apart
from the first 22 �m of the clad inner surface where the gas pres-
sure is applied. The displacements and stress fields obtained from
the stress concentration and finite element models are compared in
Figs. 9–11. They are represented in function of the angular position.
The agreement is excellent. The radial displacement of the inner
clad surface is as expected nearly uniform. The tangential displace-
ment is zero at the lower and upper boundaries of the cladding bore
(� = 0◦ and � = 22.5◦) and maximum near mid-angle position. Small
differences appear in the hoop stress and tangential displacement
distributions. They are probably due to the small differences in the

J. Sercombe et al. / Nuclear Engineering and Design 260 (2013) 175– 187 181

0

0.001

0.002

0.003

0.004

0.005

0.006

0.007

0.008

0 1 2 3 4 5

Radius  (mm )

C
ra

ck
 o

pe
ni

ng
 (

m
m

)

Finite Elemen t
Ana lytica l

80 MPa

5 M Pa

Fig. 5. Impact of the contact pressure (Pc = 5 MPa  or 80 MPa) on the crack opening
calculated with the finite element and analytical models.

0

0.001

0.002

0.003

0.004

0.005

0.006

0.007

0.008

0.009

0.01

0 1 2 3 4 5

Radius  (mm )

C
ra

ck
 o

pe
ni

ng
 (

m
m

)

Finite Elemen t
Ana lytica l N = 8

N = 12

N = 16

Fig. 6. Impact of the number of fragments (N = 8, 12 or 16) on the crack opening
calculated with the finite element and analytical models.

10%). This result is due to the approximation used in the analytical
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variation of the radial stress along the fragment periph-
ery is significant (−113 ≤ �rr ≤ −22 MPa  for N = 8 compared to
−87 ≤ �rr ≤ −67 MPa  for N = 16) and leads to the observed differ-
ences.

4.2. Stress concentration model

To assess the solution for the stress concentration problem, a
two-dimensional model of the cladding with prescribed shear and
radial stresses on its inner and outer walls has been built and solved
with the finite element code Cast3M (Cast3M, 2011). The mesh of
the cladding together with the boundary and loading conditions
are given in Fig. 8. We  assume here that the pellet is fragmented
in N = 8 pieces and because of the symmetries, we  represent only
one sixteenth of the clad cylinder (�m = 22.5◦). The mesh size in
the angular and radial directions is equal to 1 �m to catch the
stress/strain concentration in front of the crack tip. The cladding
has standard dimensions and material characteristics for Stress-
Relieved Zircaloy-4 PWR  fuel rods (a = 4.741 mm,  b = 4.171 mm,
E = 72 GPa, � = 0.34). The mean contact pressure on the inner wall of
the cladding is pmean

cont = 92 MPa, the gas pressure is pgas = 11.8 MPa,
the external pressure (pext) equals 15.5 MPa.

The analytical and finite element solutions are obtained as fol-
lows. First, the minimization of the angular variation of the radial
displacement (Eq. (34)) leads to the optimum slope K1 for the con-
tact pressure distribution on the clad inner surface (a crack tip
opening of � = 22 �m and a friction coefficient of 0.47 are consid-
ered). The resulting linear variation of the contact pressure and
shear stress are then applied in the finite element model, apart
from the first 22 �m of the clad inner surface where the gas pres-
sure is applied. The displacements and stress fields obtained from
the stress concentration and finite element models are compared in
Figs. 9–11. They are represented in function of the angular position.
The agreement is excellent. The radial displacement of the inner
clad surface is as expected nearly uniform. The tangential displace-
ment is zero at the lower and upper boundaries of the cladding bore
(� = 0◦ and � = 22.5◦) and maximum near mid-angle position. Small
differences appear in the hoop stress and tangential displacement
distributions. They are probably due to the small differences in the

Figure 8: Impact of the thermal strains magnitude (top left), of the contact pressure
(top right) and of the number of pellet fragments (bottom) on the crack opening
radial profile, reproduced from [39].
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Fig. 2. Schematic fuel clad model used in the calculations.

These additional relations allow to determine the value of the
parameter r0 and of the contact radius Rc:

ln(r0) = ln(Rc) −
(

(2 − 4�)�m cos(�m) − sin(�m)
(4 − 4�)sin(�m)

)

− F(Rc)
(4 − 4�) A sin(�m)

(14)

�(2 − 4�)Rc =
∑

k≥3

�an
k Rk

c

[
(3 − 4� − k)˛k cos((k − 1)�m)

− ˇk cos((k + 1)�m)
]

+ A
[

(4 − 4�) cos(�m) ln
(

Rc

r0

)

+ (2 − 4�)�m sin(�m) − cos(�m)
]

(15)

with

F(Rc) =
∑

k≥3

�an
k Rk

c [(3 − 4� + k)˛ksin((k − 1)�m) + ˇksin((k + 1)�m)]

(16)

The last closure relation is obtained by ensuring the continuity of
the radial stress at the same particular point (Rc, �m):

�zone1
rr (Rc, �m) = �zone2

rr (Rc, �m) (17)

3. Stress concentration over an opening pellet crack

3.1. Roberts’ solution

In its paper, Roberts (1978) studied the case of a pellet divided
by N regularly spaced cracks having an angular displacement of
2�m between each one and a crack width of 2�, as represented in
Fig. 2. The external pressure was assumed equal to zero. A uniform
normal pressure on the inner cladding surface was assumed to act
together with a shear stress which depends on the normal pres-
sure and frictional coefficient. Thus, the problem resolved into a
standard one, namely finding the distribution of elastic stresses in
a thick-walled cylinder having specified normal and shear stresses
on the inner and outer surfaces. Roberts (1978) showed that an Airy
stress function of the following form could satisfy the compatibility
equation and the symmetries of the problem:

	 = A0r2 + B0 ln r +
∞∑

m=2

(Amrm+2 + Bmr−m + Cmrm + Dmr−m+2)

× cos(m�) (18)

with A0, B0, Am, Bm, Cm and Dm constant parameters. For the pro-
posed stress function, the plane strain stresses are:

�rr = 2A0 + B0

r2
−

∞∑

m=2

[(m + 1)(m − 2)Amrm + m(m + 1)Bmr−m−2 + m(m − 1)Cmrm−2 + (m − 1)(m + 2)Dmr−m] cos(m�)

��� = 2A0 − B0

r2
−

∞∑

m=2

[(m + 1)(m + 2)Amrm + m(m + 1)Bmr−m−2 + m(m − 1)Cmrm−2 + (m − 1)(m − 2)Dmr−m] cos(m�)

�r� =
∞∑

m=2

[m(m + 1)Amrm − m(m + 1)Bmr−m−2 + m(m − 1)Cmrm−2 − m(m − 1)Dmr−m] sin(m�)

(19)

The displacements are given by:

ur = 1
G

{
2A0(1 − 2�)r − B0

r
+

∞∑

m=2

[(2(1 − 2�) − m)Amrm+1 + mBmr−m−1 − mCmrm−1 + (2(1 − 2�) − m)Dmr−m+1] cos(m�)

}

u� = 1
G

{ ∞∑

m=2

[(m + 4(1 − �))Amrm+1 + mBmr−m−1 + mCmrm−1 + (m + 4(1 − �))Dmr−m+1] sin(m�)

} (20)

Figure 9: Schematic fuel clad model used in the clad stress calculations (adapted
from Roberts [28]).
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Figure 10: Hoop stress distribution in the clad inner wall as a function of the number
of pellet fragments (top left), of the friction coefficient at the pellet-clad interface
(top right), and of the pellet crack opening (bottom, zoom near the crack tip in the
right graph), reproduced from [42].
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Fig. 6. Mesh and boundary conditions in Alcyone 3D simulations.

Fig. 7. Mesh and boundary conditions in Alcyone 2D(r, �) simulations.

connection with the aim of this paper, a more detailed description
of the pellet creep and crack models, of the clad creep and plastic-
ity models and of the pellet–clad friction model will be given in the
next parts. It must be emphasized that many non-linear behaviors
are considered simultaneously (creep, cracking, plasticity, friction,
stress-dependent gas swelling, etc.) in the simulations which make
it a very interesting tool for studying separate effects. The general
performance of Alcyone’s schemes has been checked by comparing
its results to those obtained from a broad range of base irradiations
and ramp tests (more than 200) performed on UO2-Zy4, UO2-M5
and MOX-Zy4 fuel rods with a burnup up to 60 GWd/tU. It was
found that Alcyone predicts with reasonable accuracy the residual
clad diameters, the corrosion thickness, the rod elongations, the

fission gas release and internal pressure of the rods after normal
and off-normal operating conditions (Sercombe et al., 2009).

Hereafter, the 2D(r, �) and 3D schemes of Alcyone will be used to
simulate pellet cracking during base irradiation and power ramps.
The main hypotheses underlying the development of these two
schemes can be stated as follows. To be consistent with base irra-
diation cracking, it is assumed at the beginning of the calculations
that the pellet is initially divided in 8 identical fragments. In the 3D
scheme, only one quarter of a single pellet fragment and the overly-
ing piece of cladding are meshed (see Fig. 6). The pellet description
accounts for the geometrical particularities of the fuel element
(dishing, chamfer, etc.). The 2D(r, �) scheme describes the behavior
of the mid-pellet plane of the fragment, see Fig. 7. It is an inter-
mediate configuration which can be used to assess precisely stress
concentration in the cladding near a pellet crack tip (Michel et al.,
2008a).

The boundary conditions in 3D and 2D(r, �) are shown in
Figs. 6 and 7, respectively. They account for the geometrical
symmetries of the problem and for the pellet–cladding and pel-
let–pellet interactions. Pellet–pellet inter-penetration along the
fracture plane Ox0z (line Px1 in 2D(r, �)) is forbidden by the unilat-
eral contact condition Uy ≥ 0. At the inter-pellet plane (plane Ox0y0
in Fig. 6), unilateral contact conditions are prescribed (Uz ≥ 0 with
Uz the axial displacement). To account for the mechanical reaction
of the fissile column above and under the meshed fragment, an axial
locking condition between the pellet and the cladding mid-planes
is enforced when the pellet–clad gap is closed (Upellet

z = Uclad
z on

plane Px1y1 in 3D, see Fig. 6). Generalized plane strain conditions
are considered in 2D(r, �) which allows to model the out-of-plane
stresses and strains. In consequence, the axial locking condition is
also enforced, i.e., �pellet

z = �clad
z .

Figure 11: Mesh and boundary conditions in ALCYONE 2DRθ simulations, repro-
duced from [19].
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Figure 12: Simulations of fuel pellet radial cracking during base irradiation by inter-
facing all the continuum elements of the FE mesh with cohesive zones, reproduced
from [53].

the bulk modulus. Numerical results are presented in Fig. 24 with an amplification of the displacement field and a suppres-
sion of damaged elements. As presented in Fig. 24a, the mean bubble pressure, induced by the fictive thermal loading,
increases up to 120 MPa when a first unstable crack extension occurred. After the first crack extension the pressure is no
more homogeneous in bubbles. Bubbles crossed by or near a crack plane have a reduced pressure due to the softening of
damaged material. This leads to a mean pressure drop for each new crack extension as shown in Fig. 24a. Through these
results, we can understand the fuel fragmentation mechanism which depends on the material microstructure and the pres-
sure induced by gaseous fission products.

4.4.3. Discussion
These 3D applications demonstrate the robustness of the proposed algorithm to simulate a rupture process involving

multiple crack initiation sites and complex crack extension patterns. Thanks to the continuous damage model this approach
doesn’t need a specific mesh refinement method. Computation times obtained with personal computers are reasonable
(between 1 and 2 days) compared to the complexity of the rupture process. Such simulations can now be achieved to study
with more details the fuel fragmentation process at macroscopic and microscopic scales, in order to have a better under-
standing of its impact on the fuel element structural integrity.

Table 8
Input data for fuel pellet fragmentation simulation.

Fuel pellet Material properties

Radius Height Young modulus Poisson ratio Rupture stress Toughness Thermal expansion

4 mm 7mm 200,000 MPa 0.3 100 MPa 10 J/m2 1e�05

a) -25 °C/mm b) -50 °C/mm c) -90 °C/mm

d) -150 °C/mm e) -150 °C/mm (displacement amplification factor=50)
Fig. 21. Numerical results of the nuclear fuel pellet fragmentation simulation for different thermal gradient loading levels.

B. Michel et al. / Engineering Fracture Mechanics 188 (2018) 126–150 147

Figure 13: Calculated fuel pellet fragmentation during reactor start-up with a
smeared crack model based on the principal stresses, reproduced from [54].
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Fig. 8. Stress–strain relation during monotonic (left) and cyclic (right) tensile loading.

 ̨ models the increase of thermal creep with irradiation as observed
for scattering-creep (Perrin, 1971). The constitutive law has been
calibrated on a large database of creep compressive tests performed
on non-irradiated materials (Monerie and Gatt, 2006).

3.3. Clad creep and plasticity models

The anisotropic behavior of fresh and highly irradiated SRA
Zy-4 cladding is taken into account in the fuel code Alcyone
by a constitutive law coupling a creep model and a plastic-
ity model with isotropic non-linear hardening. The formulation
is based on an extensive database of creep laboratory and in-
reactor tests performed at temperatures (280–400 ◦C), stress levels
(0–550 MPa), fast neutron fluxes (1–2 × 10−18 n/m2/s) and fluences
(0–10 × 1025 n/m2) representative of normal and power transient
conditions (Soniak et al., 2002).

As for the pellet material, the stress–strain constitutive law for
the clad material is given by Hooke’s law as follows:

� = C : (� − �vp − �p) (10)

with �vp the creep strain tensor and �p the plastic strain tensor. The
creep component of Eq. (10) accounts for irradiation and thermal
creep contributions and can be split as follows in rate form:

�̇vp = �̇irc + �̇thc (11)

Each of the creep components includes primary creep and sec-
ondary creep. To account for the anisotropy of the material, the
creep strain rates are function of Hill’s equivalent stress �H =√

� : H : � with H a symmetric fourth rank tensor and obeys the
normality rule given by:

�̇i = �̇i
eqH :

�

�H
(12)

with �̇i
eq the equivalent creep strain rate. �H reads as follows when

the tube reference system (r, �, z) is used:

�2
H = Hr(��� − �zz)2 + H�(�rr − �zz)2 + Hz(�rr − ���)2

+2Hr��2
r� + 2Hrz�2

rz + 2H�z�2
�z (13)

The formulation depends on three coefficients Hr, H� , Hz which
have been identified from uniaxial and biaxial creep tests (the
shear components are assumed equal to the isotropic ones, i.e.,
Hr� = Hrz = H�z = 1.5). Hill’s coefficients are identical for irradiation

and thermal creep. The equivalent irradiation creep strain rate is
expressed as follows:

�̇irc
eq = �̇irc1

eq + �̇irc2
eq (14)

with the primary creep component �̇irc1
eq given by:

�̇irc1
eq = Airc1

�n1
H

(�irc1)n2
exp

(
−Eirc1

RT

)
(15)

and the secondary creep component �̇irc2
eq given by:

�̇irc2
eq = Airc2�n3

H
˙̊ n4 exp

(
−Eirc2

RT

)
(16)

In Eqs. (15) and (16), Airc1, Airc2, ni (i = 1, 4) and Eirc1, Eirc2 are constant
values. Creep rate enhancement due to the effect of the fast neutron
flux ˙̊ on the material is taken into account in the stationary creep
component �̇irc2. The equivalent thermal creep strain rate reads as
follows:

�̇thc = Vs +
[

(Vp − Vs) exp

(
−�thc

�0

)]
(17)

with Vp, Vs given by:

Vp = Vp0(T, �H)Vpf (˚)  (18)

Vs = Vs0(T, �H)Vsf (˚)  (19)

and �0(T, �H) a function of temperature T and Hill’s stress �H. Vp

(primary thermal creep rate) and Vs (secondary thermal creep rate)
are equal to the product of two  functions whose parameters are
identified from tests performed on fresh Zy-4 (Vp0(T, �H), Vs0(T,
�H)) and on irradiated Zy-4 (Vpf(˚), Vsf(˚)). The latter functions
account for the reduction in thermal creep rates with irradiation,
as observed experimentally (Soniak et al., 2002).

As for creep, the plastic model is based on Hill’s equivalent stress
with Hill’s coefficients given in function of the temperature T and
the fluence  ̊ (except the shear components). The plastic criterion
is given by:

f (�H, �p, T, ˚) = f1(�p, T) + f2(T, ˚)  (20)

with f1(�p, T) accounting for the strain-hardening of the material (�p

is the equivalent plastic strain) and f2(T, ˚) for irradiation-induced
hardening. The plastic strain rate is given by the normality rule.

3.4. Pellet–clad interface friction model

Pellet–clad friction modeling is based on Coulomb’s law which
relates the sliding rate vt at the interface of two  materials to

Figure 14: Stress-strain relation during monotonic (left) and cyclic (right) tensile
loading, reproduced from [19].
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Fig. 11. Hoop stress (top) and equivalent plastic strain (bottom) distributions in the cladding at the maximum LHR of A2 ramp test (friction coefficient 1.7).

maximum (� = 0.7). The inward extension of this crack is important
and reaches at least one third of the radius. The next radial crack
divides the half fragment in two identical parts (� = 1). Its inward
extension in the pellet is less pronounced than that of the first
crack. Further cracking occurs with an even more reduced radial
extension in the pellet.

As shown in Fig. 12 (top, stress intensification factor, bottom,
maximum plastic strain), pellet cracking has an important impact
on stress and strain localization in the cladding (circles, calcula-
tions with the pellet creep model only, squares, calculations with
the pellet creep and cracking models). Stress concentration in front
of the crack tip still exists but it is limited in magnitude (max-
imum 1.4 compared to 2.1 when creep only is considered) and
does not evolve much with friction. This is also shown by the

almost constant maximum plastic strain obtained when creep and
cracking of the pellet are considered. These results demonstrate
the importance of radial cracking of uranium dioxide during ramp
testing with respect to the risk of failure by pellet–cladding inter-
action. Since all the simulations presented here were performed
with constant fracture properties, they also show the counter-
balanced effect of increasing friction which tends: (1) to increase
clad stresses and strains due to increasing interfacial shear forces
and (2) to enhance radial cracking of the pellet which in turn
leads to some leveling of the clad stresses and strains. In con-
sequence, and opposite to the results obtained with creep only,
there is no apparent variation of the normalized residual clad
diameter increase during ramp test when cracking of the pellet is
considered in the calculations, see the square symbols of Fig. 14.

Figure 15: Hoop stress distribution in the cladding at RTL, reproduced from [19].
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Fig. 12. Maximum hoop stress intensification factor and maximum equivalent plas-
tic strain in the cladding versus friction coefficient in the 2D(r, �) simulations of A2
ramp test.

Pellet–cladding friction combined to pellet cracking leads there-
fore to an almost stable stress and strain state in the cladding.

4.4. Friction evolution by inverse analysis

We have shown in Section 4.3 that secondary radial pellet
cracking during power ramps increases mainly with friction. The
measures of radial cracks after power ramp tests show an increase
of cracking with the burnup of the rodlets. Using inverse analy-
sis the evolution of friction with burnup can therefore be deduced.
Inverse analysis is based here on three components:

• experimental data, i.e., radial crack measures,
• 2D finite element simulations of the ramp tests which provide

calculated estimates of radial cracking,
• one material parameter identified from the comparison of mea-

sured and calculated radial cracking, i.e., the pellet–clad friction
coefficient.

The following methodology has been applied to each of the sev-
enteen rodlets of Table 1: sixteen 2D(r, �) simulations of the base
irradiation and power ramp are performed with friction coefficients
varying between 0.5 and 2 by step of 0.1 (a total of more than 300
simulations have been performed). The number of radial cracks
formed during each simulation of the power ramps is recorded
(end of ramp test). The first radial crack that appears at the plane

of symmetry of the fragment divides each of the 8 initial frag-
ments in two and leads therefore to 8 new radial cracks (PR cracks).
The next radial cracks that form in the bulk of the simulated half
fragment divides each of the 16 initial half fragment in two and
brings therefore 16 new radial cracks (PR cracks). To be consistent
with the radial crack measurements, cracks in the simulations are
recorded only when their radial extension exceeds 500 �m (when
their extension in the radial direction is over at least 4 elements
of the mesh). Applied to the crack patterns of Fig. 16 (rodlet A2),
this methodology leads to the evolution of the number of PR cracks
with friction presented in Fig. 17.

A step-wise evolution of the number of radial cracks is obtained
in function of the friction coefficient. Each step characterizes the
development of a new radial crack either at the plane of symmetry
of the fragment (+8) or in the bulk of the fragment (+16). Compar-
ing these simulation results to the measured number of PR radial
cracks, one can then estimate the range of friction coefficients that
would lead a consistent estimate of the experimental crack pat-
tern. For rodlet A2, Fig. 17 shows that a number of measured PR
radial cracks equal to 12 would be obtained in the simulations for a
friction coefficient in the interval 0.7 ≤ � ≤ 0.9. Applying the same
methodology to each of the rodlets of Table 1, the evolution of the
friction coefficient with the mean burnup of the rodlets has been
estimated and is presented in Fig. 18.

The average friction coefficient is indicated by the circles, the
vertical lines give the range of friction coefficient consistent with
the measured crack pattern.

The general tendency obtained from inverse analysis is of an
increasing friction coefficient with the mean burnup of the rodlets.
All the rodlets irradiated 2 cycles in reactor give a fairly constant
friction coefficient close to 0.7–0.8, slightly higher than the one
measured on non-irradiated materials (Brochard et al., 2001), i.e.,
0.47–0.6. A similar distribution is obtained for the rodlets irradi-
ated 4 cycles (mean burnup ∼50 GWd/tU) with a friction coefficient
in most of the case greater than 1.5. Note that the maximum
friction coefficients are close to 2 and consistent with the satu-
ration of radial cracking obtained in the simulations for greater
values, see Fig. 16.  For the rodlets irradiated 3 cycles (mean bur-
nup ∼40 GWd/tU) a friction coefficient either less than 1 or greater
than 1.5 has been determined by inverse analysis, depending on the
duration of the holding period in the ramp test (� < 1 for holding
times <15 min, � > 1.5 for holding times >1 h). This means that the
increase of radial cracking with the holding time alone, as observed
in Fig. 5 by the sharp evolution around 40 GWd/tU burnup, is not
reproduced well by the simulation. A possible explanation could
be an over-estimation of clad-straining (kinetics) in the first min-
utes of the holding period which would lead to an over-estimation
of radial cracking in the simulations of the ramp tests with a short
holding period. From Fig. 10,  there is in fact a systematic tendency in
the simulations to over-estimate clad loading during ramp testing,
particularly for short holding times. In the case of the two rodlets
J3 and K3 (3 cycles, holding time <15 min), the over-estimation
reaches 20–30% which might therefore explain the small friction
coefficients obtained by inverse analysis (0.7 and 1).

According to the simulations, radial crack evolution during the
first minutes of the holding period is important. Fig. 19 gives the
radial crack patterns obtained at different times in the simulation of
ramp test A2 (friction coefficient 1.7). It shows that if cracking is ini-
tiated during the transient period of the ramp test, there is a marked
evolution of the number of radial cracks in the first 15 min  of the
holding period (24 cracks at the beginning of the holding period, 40
cracks after 15 min) and a stabilization after (40 cracks after 1 h and
12 h). An overestimation of radial crack propagation kinetics dur-
ing the first minutes of the holding period could therefore also be at
the origin of the lack of uniformity of the friction coefficient values
obtained from the simulations of the rodlets irradiated 3 cycles.

Figure 16: Stress concentration factor (σmaxθθ /σaverageθθ ) in the cladding at RTL versus
friction coefficient, reproduced from [19] (from 2DRθ simulations with fuel creep
only or with fuel creep and cracking).
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Fig. 13. Hoop stress distribution for a friction coefficient of 1.7 (top) and maximum hoop stress in the pellet versus friction coefficient (bottom) in the 2D(r, �) simulations
of  A2 ramp test.
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Fig. 14. 2D(r, �) calculated mid-pellet diameter increase during ramp testing (nor-
malized values) versus friction coefficient.

4.5. Modeling the evolution of friction with irradiation

From the correlation between friction and radial cracking during
ramp testing, a mathematical model has been derived. It is based
on the following assumptions:

• Clad–pellet friction evolves only when pellet–clad gap is closed.
In normal operating conditions, pellet–clad gap closing depends
on the power level reached during the first and/or the second
irradiation cycle and occurs therefore for a different mean bur-
nup depending on the rodlet irradiation history. In subsequent
cycles, the pellet–clad gap remains generally closed. Suzuki et al.
(2004a,b) have related the evolution of pellet–clad bonding to a
time integral of the contact pressure at the pellet–clad interface.
Proceeding in a similar manner, we propose here a relationship
where the friction coefficient evolution depends on the mean bur-
nup variation after initial pellet–clad contact. By using the mean
burnup variation as the main parameter, some dependency on
the contact pressure at the pellet–clad interface is introduced.
The mean burnup is in fact directly correlated to the local in-
reactor power level which in turn governs the magnitude of the
contact pressure.

Figure 17: Hoop stress distribution at RTL (friction coefficient 1.7) and maximum
hoop stress at the pellet periphery versus friction coefficient (bottom), reproduced
from [19] (rom 2DRθ simulations with fuel creep only or with fuel creep and crack-
ing).
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Fig. 15. Hoop stress and radial crack distribution in the pellet in the 2D(r, �) simulations of A2 ramp test (friction coefficient 1.7).
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Fig. 16. Calculated radial cracking after ramp test A2 versus friction coefficient.

Figure 18: Hoop stress and secondary radial cracks calculated at RTL (friction
coefficient 1.7), reproduced from [19].
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Fig. 15. Hoop stress and radial crack distribution in the pellet in the 2D(r, �) simulations of A2 ramp test (friction coefficient 1.7).
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Fig. 16. Calculated radial cracking after ramp test A2 versus friction coefficient.

Figure 19: Secondary radial cracking as a function of the friction coefficient calcu-
lated, reproduced from [19].
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Fig. 6. Mesh and boundary conditions in Alcyone 3D simulations.

Fig. 7. Mesh and boundary conditions in Alcyone 2D(r, �) simulations.

connection with the aim of this paper, a more detailed description
of the pellet creep and crack models, of the clad creep and plastic-
ity models and of the pellet–clad friction model will be given in the
next parts. It must be emphasized that many non-linear behaviors
are considered simultaneously (creep, cracking, plasticity, friction,
stress-dependent gas swelling, etc.) in the simulations which make
it a very interesting tool for studying separate effects. The general
performance of Alcyone’s schemes has been checked by comparing
its results to those obtained from a broad range of base irradiations
and ramp tests (more than 200) performed on UO2-Zy4, UO2-M5
and MOX-Zy4 fuel rods with a burnup up to 60 GWd/tU. It was
found that Alcyone predicts with reasonable accuracy the residual
clad diameters, the corrosion thickness, the rod elongations, the

fission gas release and internal pressure of the rods after normal
and off-normal operating conditions (Sercombe et al., 2009).

Hereafter, the 2D(r, �) and 3D schemes of Alcyone will be used to
simulate pellet cracking during base irradiation and power ramps.
The main hypotheses underlying the development of these two
schemes can be stated as follows. To be consistent with base irra-
diation cracking, it is assumed at the beginning of the calculations
that the pellet is initially divided in 8 identical fragments. In the 3D
scheme, only one quarter of a single pellet fragment and the overly-
ing piece of cladding are meshed (see Fig. 6). The pellet description
accounts for the geometrical particularities of the fuel element
(dishing, chamfer, etc.). The 2D(r, �) scheme describes the behavior
of the mid-pellet plane of the fragment, see Fig. 7. It is an inter-
mediate configuration which can be used to assess precisely stress
concentration in the cladding near a pellet crack tip (Michel et al.,
2008a).

The boundary conditions in 3D and 2D(r, �) are shown in
Figs. 6 and 7, respectively. They account for the geometrical
symmetries of the problem and for the pellet–cladding and pel-
let–pellet interactions. Pellet–pellet inter-penetration along the
fracture plane Ox0z (line Px1 in 2D(r, �)) is forbidden by the unilat-
eral contact condition Uy ≥ 0. At the inter-pellet plane (plane Ox0y0
in Fig. 6), unilateral contact conditions are prescribed (Uz ≥ 0 with
Uz the axial displacement). To account for the mechanical reaction
of the fissile column above and under the meshed fragment, an axial
locking condition between the pellet and the cladding mid-planes
is enforced when the pellet–clad gap is closed (Upellet

z = Uclad
z on

plane Px1y1 in 3D, see Fig. 6). Generalized plane strain conditions
are considered in 2D(r, �) which allows to model the out-of-plane
stresses and strains. In consequence, the axial locking condition is
also enforced, i.e., �pellet

z = �clad
z .

Figure 20: Mesh and boundary conditions in ALCYONE 3D simulations, reproduced
from [19].
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Figure 21: Iterative scheme of ALCYONE for solving the thermal, mechanical and
gas swelling coupled system during a typical power ramp irradiation history, repro-
duced from [91].
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Figure 22: Schematic of the convergence algorithm for gaseous swelling in ALCY-
ONE.
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3.22.5.1.2 Power ramp test (see Figure 13)

The behavior of fuel rods during ramp testing
depends on many factors: the geometry of the fuel
pellet (height/diameter ratio of the pellet, dish vol-
ume, chamfer dimensions, etc.), the power history
(maximum power, increase of power, power rate,
duration of holding period, etc.), the thermomecha-
nical behavior of fuel and cladding (burnup of the
pellet, thermal expansion of the fuel pellet, cladding
creep and plasticity, fuel creep, etc.), and fission gas
swelling in the fuel pellet.

The diameter increase of the cladding during
power ramp is driven by the thermal expansion of
the pellet and by fission gas swelling if the tempera-
ture of the pellet is high enough. The contribution of
gas swelling can be important particularly if the
holding period is long (>15–30min) or if the fuel
rod has a high burnup.

Cladding expansion during ramp testing is first
induced at the IP level due to the hourglass of
the pellet resulting from the thermal gradient (see
Figure 13(a)), but soon it is compensated by dish
filling due to creep and fission gas swelling of UO2.
If the height/diameter ratio of the pellet is large
(>1.5), the impact of creep on the MP plane will be
small. Radial expansion will, therefore, be maximum
at the MP level since dish filling will limit radial
expansion at the IP level20 (see Figure 13(b)). This
is the reason why the MP ridges observed in the
database can reach significant values (30 mm) and
often exceed their IP counterparts by a factor 2 or 3
(see Figure 14). This is not the case with pellets of
smaller height/diameter ratio (<1), as was shownwith
ALCYONE 3D in Sercombe et al.,13 since in this case,
dish filling has consequences on the deformation of
the MP plane due to axial creep. Hourglass-induced
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Figure 12 Pellet cladding gap closure and cladding ridging mechanisms under base irradiation.
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Figure 23: Pellet clad gap closure and formation of clad ridges during nominal
irradiation, reproduced from [90] (pellet fragment deformation is magnified).

72



strains, therefore, remain predominant in this config-
uration, leading mainly to IP ridges.

The kinetics of MP ridge development strongly
depend on the maximum power and temperature
reached during ramp testing, since radial expansion
of the pellet and dish filling depend on these two
parameters. Figure 15 gives the MP diameter
increase of the pellet, as a function of the maximum
pellet temperature during the transient part of the
ramp test. In this figure respective contributions due
to the total swelling and due to fission gas swelling
only are plotted. Also plotted is the calculated dish
filling in function of the maximum temperature.

As can be seen, when the pellet maximum temper-
ature is greater than 1800 	C, fission gas swelling effect
is significant at the fuel element scale. The contribu-
tion of gas swelling to the total diameter increase of the
pellet during the transient stage, however, remains
small and does not exceed 25% for the fuel rods

considered in Figure 15 (BU<MWdkgU
�1).

A threshold temperature can also be defined for com-
plete filling up of the dishing (>70%) in the 3D simu-
lations. It is close to 1700 	C and hence of the same
order than the 1800 	C for fission gas swelling activa-
tion. Simulation results indicate furthermore that
100% dish filling is usually reached within a few min-
utes during the holding period if power is sufficient.

This interpretation of experimental results has
been derived mainly from the 3D model of a single
pellet fragment presented in Section 3.22.4.8.2.
However, it was shown that the 2D r–z axisymetric
model can also describe correctly the pellet ridging-
hourglassing without the need for an empirical
approach.51 Based on 3D simulations, a simplified
pellet hourglassing model52 with partial reversibility
in case of power drop has also been developed for the
generalized plane strain approach of the 1D axisym-
metric representation or the 2D r–y representation.
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Figure 13 Pellet viscoplasticity and cladding ridging mechanisms under the power ramp test.
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Figure 24: Pellet creep and formation of clad ridges during a power ramp, reproduced
from [90] (pellet fragment deformation is magnified).

After base irradiation

After ramp test

PelletPelletPellet Pellet Pellet

Figure 25: Calculated clad ridges after a base irradiation and a power ramp showing
the noticeable development of MP ridges during ramp testing, compared to experi-
mental measurements, reproduced from [7].
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Figure 26: Calculated clad ridges after a base irradiation and a power ramp showing
the impact of pellet heigth, compared to experimental measurements (pellet height
9 mm), reproduced from [7].

Thanks to this simplified model, the pellet tempera-
ture can be assessed with reasonable accuracy in the
generalized plane strain approach.

3.22.5.2 Analysis of Residual Displacement
After Irradiation

PIE include measurements of the residual diameters
and height of IP and MP ridges after base irradiation

and power ramp tests, estimations by optical micros-
copy of dish filling of the pellet and of the number of
radial cracks after ramp tests (see Section 3.22.3).
The data from cladding outer profilometry are inter-
esting because they give quantitative elements on the
pellet–cladding mechanical interaction, which can
lead to a significant amount of residual strains in
the cladding. A comparison between computation
and experimental measurements of the cladding
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Figure 14 3D calculated and measured ridges after base irradiation and ramp testing showing the important development

of the mid-pellet ridge during ramp testing.

0

20

40

60

80

100

120

140

160

180

200

1500 1700 1900 2100 2300 2500

Maximum temperature in the fuel pellet (°C)

M
id

-p
el

le
t 

d
ia

m
et

er
 in

cr
ea

se
 d

ur
in

g 
ra

m
p

te
st

 (m
m

) 

0

10

20

30

40

50

60

70

80

90

100

D
is

h 
fil

lin
g 

(%
)

Total swelling
Fission gas swelling
Dish filling

Figure 15 Calculated mid-pellet diameter increase due to total swelling and fission gas swelling only, dish filling in function

of the maximum temperature in the pellet.
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Figure 27: Calculated mid-pellet diameter increase due to total swelling and gaseous
swelling only, calculated dish filling after cooling as a function of the maximum
temperature in the pellet fragment, reproduced from [7].
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3D FE model based on experimental-calculated cladding diameters is analysed in more details in reference
[19].

Fig. 14. Radial, axial and circumferential cracks at the end of base irradiation, during and after the power ramp test.

3594 B. Michel et al. / Engineering Fracture Mechanics 75 (2008) 3581–3598

Figure 28: Radial, transverse (axial) and circumferential cracking strains at the end
of base irradiation, during and after a power ramp, reproduced from [23].
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Fig 3. Comparison of the dish fillings according to the two methods used 

 
At the end, 44 measurements are available on UO2-Zy4 and UO2-M5 rods that have the 
following characteristics: 

- a burnup between 23 and 73 GWj/tU; 
- a maximum power during the ramp between 39 and 61 kW/m; 
- a holding time during the ramp between 0 second and 12.5 hours. 

The highest power concerns a single ramp on which we observe the formation of the central 
hole. This phenomenon is not included into calculation. 
 
4. Improvement of the fuel pellet viscoplastic model 
In this part, we propose an adjustment of the model describing the fuel viscoplastic 
behaviour. This adjustment is realised with a dependence on burnup as described in the 
following equation: 

( )2
00 exp BUβθθ −=′  

where: 
- 0θ ′  and 0θ  represent respectively the new and the old expression used in the model 

(see section 2.2); 
- BU  represents the burnup; 
- β  is the parameter we will adjust thanks to experimental results. 

We assume here that the defects and precipitates created during irradiation block movement 
of dislocations and thus favour the diffusion-induced creep mechanism. This dependence on 
burnup is adjusted on the dish filling measurements of the rods without holding time, in order 
to minimize the impact of gaseous swelling. This last phenomenon, calculated all long the 
irradiation in the ALCYONE modelling, is more important during the holding time [2] and can 
contribute to dish filling. It is the first time that our viscoplastic model is adjusted with 
measurements on irradiated materials. Previously, the thermal creep model was only 
identified thanks to out of pile experiments [7]. 
After this adjustment, we can compare the effects of this modification on the dish fillings of 
the other rods with longer holding times and on the height of the primary ridges at the end of 
the power ramp. 

0

20

40

60

80

100

0 20 40 60 80 100

Experimental dish filling (%)

N
u

m
er

ic
al

 d
is

h
 f

ill
in

g
 (

%
)

= 0 min
< 16 min
> 16 min

Holding 
time :

 

0

20

40

60

80

100

0 20 40 60 80 100

Experimental dish filling (%)

N
u

m
er

ic
al

 d
is

h
 f

ill
in

g
 (

%
)

= 0 min
< 16 min
> 16 min

Holding 
time :

 
Fig 4. Comparison between the numerical dish fillings and the experimental dish fillings with 

the old modelling (on the left) or with the new modelling (on the right) 
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Figure 29: Calculated residual dish filling compared to experimental measurements
from optical ceramographies, reproduced from [111] and [112].
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Figure 18 Mechanical stress and strain fields in the cladding of rodlet A1 at the end of the preconditioning period: (a) srr
stress (Pa) at the pellet–cladding interface, (b) circumferential stress syy (Pa) in the cladding, (c) equivalent cumulated creep

strain in the cladding from the beginning of irradiation.
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Figure 19 Mechanical stress and strain fields in the cladding of rodlet A1 at the end of the transient stage: (a) srr stress (Pa)
at the pellet–cladding interface, (b) circumferential stress syy (Pa) in the cladding, (c) equivalent cumulated creep strain

variation in the cladding during the power transient.
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Figure 30: Calculated stress and strain fields in the cladding of a UO2 rodlet at RTL,
reproduced from [114]: (a) radial stress in Pa, (b) hoop stress in Pa, (c) equivalent
cumulated creep strain. Triple point is at the bottom corner of the clad mesh.

(a) (b)

1626 B. Michel et al. / Nuclear Engineering and Design 238 (2008) 1612–1628

Fig. 25. Cracking strain due to radial cracks at the end of the transient stage: (a) geometrical description of a radial crack, (b) fuel rod A1 and (c) fuel rod B1.

• Fuel rod A1: one small radial crack started at inter-pellet plane
in the middle of pellet fragment with a cracking strain level
of 0.4%.

• Fuel rod B1: two major radial cracks, one located in the mid-
dle of the pellet fragment with a cracking strain level of 2%
between the inter-pellet plane and the mid-pellet plane, and
another one located at an intermediate angle, between the
middle and the edge of the pellet fragment, with a maximum

cracking strain level of 1.8% in the vicinity of the mid pellet
plane.

The link between crack extension level in the pellet fragment
and PCI behaviour can be illustrated with the results of Fig. 26.
In the latter, we can see that strain localisation due to crack open-
ing between pellet fragments (Fig. 26a and c) is not greater in
the fuel rod B1, although the radius increase during the tran-

Fig. 26. Displacement variation of the pellet outer-surface during the transient stage: (a) circumferential component fuel rod A1, (b) radial component fuel rod A1,
(c) circumferential component fuel rod B1 and (d) radial component fuel rod B1.

Figure 31: Calculated radial cracking at RTL reproduced from [114]: (a) standard
UO2 rodlet, (b) Cr-doped UO2 rodlet.
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In Figure 19 (a), we can see a pressure contact
concentration at the IP plane (srr¼�160MPa) due
to the hourglass shape and the contact discontinuity
between two pellets. Regarding stress and strain distri-
bution in the cladding, the high loading level at the
triple point (see rupture location in Section 3.22.2)
can be understood through the results of Figure 19.
However, it is not possible to define a criterion which
leads to conclude that rupture will occur in this partic-
ular area. Moreover, the results computed for the fuel
rod B1, presented in Figure 20, led to a higher loading
level of the cladding at the end of the transient stage,
compared to the fuel rod A1, although no rupture
occurred for the fuel rod B1 (see Table 2).

This conclusion was the incentive to analyze the
cladding loading from a different point of view, with
the normal and the tangential stresses, called sn and
st, respectively, in Figure 21, in the pellet–cladding
interface at the end of the transient stage. These stres-
ses have been derived from the nodal forces, computed
in the Coulomb friction model according to the finite
element solver of CAST3M, with eqns [39]. In order to
take into account only the tangential loading due to the
friction boundary condition, the circumferential com-
ponent of the nodal forces computed for cladding inner

surface nodes submitted to a symmetry boundary con-
dition in the circumferential direction (segments [AB]
and [CD] inFigure 10) has been set to zero in eqn [39].
The tangential stress, according to the definition of eqn
[39], is a pure shearing loading of the interface

sn½ � ¼
~f
h i

~r½ �R
S

N ðx; y;zÞ½ �ds and st½ � ¼
~f
h i	

~y



R
S

Nðx; y;zÞ½ �ds

�������

�������
½39�

with [ ] a symbolic definition of a nodal vector,~f , the
nodal force at the pellet–cladding interface, ~r ;~y unit
radial and circumferential vectors, N(x, y, z) the finite
element interpolation functions, and S the inner-
cladding surface.

This new interpretation of the cladding loading
proposed in Michel et al.10 (see Figure 21) is consis-
tent with the crack location observed in fuel rod A1
(see typical SCC location in Figure 2). Moreover, a
critical value of the shearing stress at the pellet–
cladding interface could be defined according to the
rupture/nonrupture, respectively, observed for fuel
rods A1 and B1 (110MPa in fuel rod A1 vs. 50MPa
in fuel rod B1). Another interesting point in this
interface loading concerns the interpretation of
the maximum tangential stress location, as shown in
Figure 22, the triple point is at the intersection
between two lines defining, respectively, in the inter-
face: the maximal displacement discontinuity and the
maximal sliding yield stress.

3.22.5.4 Analysis of the Cladding Local
Loading

3.22.5.4.1 Stress and strain concentration in

the cladding

The load transfer between the pellet and the cladding
has been analyzed in the literature through different
approaches (see Section 3.22.2); the results of
Roberts2 are used to outline first-order parameters
to consider for stress and strain concentration assess-
ment in the cladding. An analytical solution is pro-
posed in Roberts2 for the 2D plane strain analysis of
an elastic cladding element submitted to a combined
internal pressure and shear loading. According to this
analytical solution, illustrated in Figure 23, it
appears that a shear stress level of 16MPa leads to
an enhancement from 90 to 180MPa the hoop stress.
These results could not be extended easily to nonlin-
ear material behavior. Hence, to show the impact of
the cladding viscoplasticity and of PCI loading on the
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Figure 20 Mechanical stress and strain fields in the

cladding of rodlet B1 at the end of the transient stage:
(a) circumferential stress syy (Pa) in the cladding,

(b) equivalent cumulated creep strain variation in the

cladding during the power transient.
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Figure 32: Calculated stress and strain fields in the cladding of a Cr-doped UO2

rodlet at RTL reproduced from [114]: (a) hoop stress in Pa, (b) equivalent cumulated
creep strain.

(a) [σr] (b) |[σt]| (c) [σr] (d) |[σt]|

B. Michel et al. / Nuclear Engineering and Design 238 (2008) 1612–1628 1619

Fig. 9. Mechanical stress and strain fields in the cladding of rodlet B1 at the
end of the transient stage: (a) circumferential stress σθθ (Pa) in the cladding and
(b) equivalent cumulated creep strain variation in the cladding during the power
transient.

Fig. 11. Loading parameters at the end of the transient stage in the
pellet–cladding interface of fuel rod A1: (a) circumferential component of the
displacement discontinuity between pellet and cladding (m) and (b) sliding yield
stress according the coulomb friction model (Pa).

Fig. 10. Normal and tangential loading at pellet–cladding interface at the end of the transient stage: (a) fuel rod A1: normal stress σn (Pa) at the inner-surface of the
cladding, (b) fuel rod A1: circumferential component of the tangential stress σt (Pa) at the inner-surface of the cladding, (c) fuel rod B1: normal stress σn (Pa) at the
inner-surface of the cladding and (d) fuel rod B1: circumferential component of the tangential stress σt (Pa) at the inner-surface of the cladding.Figure 33: Radial and tangential stresses (absolute value) in Pa at the pellet-clad

interface for the standard UO2 rodlet (respectively (a) and (b)) and for the Cr-doped
UO2 rodlet (respectively (c) and (d)), reproduced from [114]. Triple point is a the
bottom corner of the clad mesh.
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180 J. Sercombe et al. / Nuclear Engineering and Design 242 (2012) 164– 181

Fig. 23. Distribution of radial stresses (left) and shear stresses (right) on the pellet–clad interface at the time of the maximum LHR during the 3D simulations of ramp tests
G2  (top) and M4  (bottom).

pellet due to its higher burnup (maximum temperature 1650 ◦C in
rodlet G2, 2000 ◦C in rodlet M4)  are at the origin of the marked dif-
ference in dish filling in the simulations. Dislocation creep is the
main creep mechanism during ramp testing, with a high activa-
tion energy (530 kJ/mol) which explains the marked temperature
dependency.

6. Conclusions

In this paper, 2D and 3D finite element simulations of
pellet–cladding interaction during base irradiation and power
ramps on medium to high burnup fuel rodlets have been presented.
It was shown that the experimentally observed increase of pellet

radial cracking during ramp test with fuel burnup could be repro-
duced in the simulations by the sole evolution of the pellet–clad
friction coefficient with burnup. By inverse analysis based on 2D(r,
�) plane strain calculations, an exponential function relating the
friction coefficient to the burnup variation after initial pellet–clad
contact was derived. The function was then used in 3D simulations
of PCI where the differences in gap closing moments between the
MP and IP planes induced by pellet hourglassing led to a marked
axial variation of the pellet–clad friction coefficient. The simulated
radial crack patterns were found consistent with the experimental
characterization of radial cracking at MP  and IP planes of medium
to high-burnup fuel rodlets. An increasing number of radial cracks
with the mean burnup of the rodlet was  obtained both at MP and IP
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Figure 34: Radial and tangential stresses in MPa at the pellet-clad interface for a
25 GWd/tU UO2 rodlet (respectively (a) and (b)) and for a 50 GWd/tU UO2 rodlet
(respectively (c) and (d)), reproduced from [19].

interface, divided by the surface of a potential
through wall crack in the cladding as detailed in
eqn [41]

Wry ¼

R
Spellet

1

2
ð fy1 þ fy2ÞðDuy2 � Duy1Þ

Scladding
½41�

where fy is the circumferential component of the
tangential nodal force at the pellet–cladding inter-
face, Duy is the circumferential component of the
tangential displacement discontinuity at the pellet–
cladding interface (see in Figure 33), subscripts 1 and
2 refer, respectively, to the value of a variable at the
beginning and at the end of the transient stage, and
Spellet and Scladding are referential surfaces shown in
Figure 33. This parameter can be approximately
considered as an upper bound of the energy density,
due to shear loading at the pellet–cladding interface,
available for the cladding damage process. In this
approach, it is assumed that the shear energy
integrated on Spellet is available for a through wall
crack of a surface Scladding in the cladding, which
means that Wry can be approximately compared to
the cladding toughness. Moreover, in eqn [41], the
integration of the work of the shear forces has been
simplified, with the assumption that circumferential
friction forces (fy) are linear functions of the tangen-
tial displacement discontinuity Duy, in order to

reduce the sensitivity of the loading parameter Wry

to the number of time steps used to describe the
transient stage.

The use of the total energy transmitted at the
pellet–cladding interface instead of a local shear
stress was motivated by several points:

� an energy parameter seems more adapted to rep-
resent the continuous process damage, leading to
SCC initiation,

� the Coulomb friction model can lead to local stress
relaxation (due to its unilateral formulation)
despite a regular convergence process, and as a
result, the total shear energy at the pellet–cladding
interface is less dependent from numerical param-
eter than the maximal shear stress,

� the strain localization between two pellet frag-
ments is taken into account in the calculus of the
shear energy.

Unfortunately, this parameter has also some draw-
backs because it is less intrinsic (compared to the
pellet fragment geometry) than a stress parameter.
However, this limitation seems acceptable in the
frameworkof phenomenological PCI failure criterion.

The experimental PCI failure curve derived
from the power ramp test database, according to
the two-parameter criterion of Section 3.22.5.5.1,
is given in Figure 34. In this figure, representative
loading points of unfailed fuel rods are used to

Mid-pellet plane

Interpellet plane

Scladding
Spellet

Pellet

uq (pellet) uq (cladding)

Duq= uq (pellet) – uq (cladding)fq

Figure 33 Referential surfaces used to compute the circumferential shear energy at the pellet–cladding interface.

706 Modeling of Pellet Cladding Interaction

Author's personal copy
 

Comprehensive Nuclear Materials (2012), vol. 3, pp. 677-712 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 
 
 

Figure 35: Surfaces used to compute the shear energy density at the pellet-clad
interface, reproduced from [114].
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Figure 13: Calculated changes in the inner cladding and
the outer pellet radii at the mid-and inter- pellet planes dur-
ing a power test ramp.

5.4 Comparisons with experimental data

The main experimental data comprise cladding diameter
measurements following an irradiation. These are com-
pared to calculations results in Figure 14.
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Figure 14: Cladding diameter measurements versus calcu-
lation results.

Calculation results clearly compare favourably with the ex-
perimental data. This figure illustrates the fact that the im-
plemented model contains all the basic building blocks for
describing both qualitatively and quantitatively the appear-
ance of primary and secondary ridges. This of course gives
credence to the fact that the thermal-mechanical state of
the Zircaloy cladding is adequately modelled.

5.5 Computational performance

Two-dimensional modelling has been developed to eval-
uate with greater accuracy than one-dimensional models
the local geometrical changes in the fuel rod and cladding
loading, whilst keeping computing times down to a reason-
able level.
It is interesting to note that for the same case of study
(described above), a one-dimensional calculation requires
about 40 seconds of computing time, when the two-
and three-dimensional models require 10 minutes and ten
hours respectively. The two-dimensional code still re-
quires some degree of optimisation. In particular, an ap-
propriate treatment of the numerical instabilities described
in section 3 should produce a dramatic increase in com-
putational efficiency. No such gains are to be expected as
regards three-dimensional calculations.

CONCLUSIONS

A two-dimensional fuel performance code has been de-
veloped that describes the thermo-mechanical behaviour
of PWR fuel rods under normal and off-normal operat-
ing conditions. The code accounts for cracking of the
fuel pellets through the MEFISTO local damage model.
Both code and model perform well and provide an ade-
quate description of the changes in the fuel rod dimensions
on the scale of the fuel pellet: namely the formation of
the primary and secondary ridges on the cladding. Com-
parison with three-dimensional calculations reveals a good
agreement between the different codes developed at CEA.
Therefore, two-dimensional results are extremely encour-
aging and give strength to this approach.
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Figure 7: Abrupt change in damage extension during a sin-
gle time step.

4 DAMAGE EFFECTS

Damage has three main effects:

• it relieves stresses;

• it reduces the pellet rigidity;

• it allows radial displacement of points situated along
the axis of symmetry.

The description of hour-glass shape the pellet assumes, the
importance of which has been described in detail in sec-
tion 1.2, is particularly dependent of the last two effects,to
which a particular attention is given in this section.

Loss of rigidity The loss of rigidity of the pellet affects
the extent to which it deforms for a given heat generation
rate. To illustrate this, let us consider a simple case where
the heat generation rate, supposed uniform, varies from0
to 4W.cm3. Results are given in Figure 8 in which the
evolutions of the fuel pellet radius in the mid-pellet plane
with or without a damage model are compared. In the latter
case, the pellet behaves elastically and the response is lin-
ear. Initially, the damage model gives the same results as
the elastical one. As discussed previously (Figure 7) dam-
age then suddenly occurs and the radius of the damaged
pellet then increases more rapidly than that of the undam-
aged elastically behaving one.
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Figure 8: Radial displacement of the pellet outer radius as
a function of linear power

Radial displacement A non zero radial displacement of
points belonging to the symmetry axis is only possible
when the area around this axis is actually damaged. To
illustrate this, Figure 9 shows the radial displacement of
points lying initially along the axis of symmetry as a func-
tion of the axial position in the pellet. To make the cor-
relation more visible, the axial position was plotted as the
y-axis and the damage pattern is also included in the figure.

It may be shown that this radial displacement contributes
significantly to the extent to which the pellet takes on its
hour-glass shape.
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5 ASSESSMENT AND VALIDATION

In order to assess the two-dimensional code Alcyone2D
and the performance of the MEFISTO damage model, cal-
culation results were compared to relevant experimental
data pertaining to a single rod.
The power history is the most important input in fuel rod
calculations. It is characterised by a linear power, namely
the power extracted from the fuel rod by unit length, usu-
ally expressed inW.cm−1.
In addition to the Mefisto damage model, several other
models, the detailed description of which we will not go
into here [3], have been used and are liable to affect calcu-
lation results. These include the fuel densification, steady
state and transient fuel swelling and fuel and cladding
visco-plastic flow.

5.1 Linear power history

The fuel rod considered was irradiated over a 2 cycle pe-
riod in a power reactor (approximatively 2 years) and then
subjected to a power ramp test in an experimental reactor
to reproduce off-normal conditions.

Normal conditions The linear power history during 2
cycle period in a power reactor is given in Figure 10. The
linear power is about200W.cm1
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Figure 10: Linear power history under normal operating
conditions

Power test ramp This rod, once segmented and refabri-
cated, was then irradiated in a test reactor in order to sim-
ulate off-normal irradiation conditions. The linear power

Figure 36: Top: Calculated radial cracking (red = fully cracked, blue = uncracked)
and corresponding radial displacement along the axis of symmetry, reproduced from
[119].
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3. The inert fission gas model MARGARET

MARGARET is a mechanistic model integrated in the fuel code
ALCYONE to describe the behavior of the inert gases, xenon and
krypton (referred to as xenon only or inert fission gas in the paper)
generated by fission of uranium or plutonium in the fuel during in-
reactor irradiations or power ramps. The model is called at each
time step and at each node of the mesh, leading inert fission gas
swelling strains and inert fission gas release estimates. MARGARET
is not a macroscopic model in the sense that there are no

connections between the calculations performed at different
nodes. It is a local model that describes the behavior of inert fission
gas at the grain scale. A detailed account of the equations and vari-
ables associated to the construction of the model can be found in
Ref. [26]. Only the main components will be recalled hereafter.

Three main fuel states are considered in the model MARGARET
depending on the local burn-up: Normal Grain Structure (NGS),
High Burn-up Structure (HBS), Partially ReStructured (PRS). In this
paper, ramp tests simulations will be limited to fuels of average
burn-up not exceeding 40 GWd/tU where most of the rod failures
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Fig. 1. Mesh and mechanical boundary conditions in the 3D scheme of ALCYONE (left). Illustration of the calculated pellet thermal hourglassing with the location of the so-
called triple point (right).

Fig. 2. Schematic representation of the coupling between the thermo-mechanical fuel code ALCYONE, the inert fission gas model MARGARET and the thermo-chemical code
ANGE. (a) The pre-ramp quantities of stable isotopes versus burn-up are obtained from the empirical correlations using the depletion estimates given by the CESAR code
(Table 2).
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Figure 37: Schematic representation of the coupling within the fuel code ALCYONE
of inert FG model MARGARET and of the thermo-chemical code ANGE, repro-
duced from [92]. (a) The pre-ramp quantities of stable isotopes are obtained from
the empirical correlations given in Table 2.
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see the red zone at the top of the fragment. On the contrary, the
hydrostatic pressure in the central part of pellet ends (IP level, bot-
tom of the fragment) is very close to the rod internal pressure, 70
bars, see the blue zone near the dish. The dish has in fact a strong
impact on the stress field since it tends to release the axial and
hoop stresses. In consequence, a strong axial stress gradient takes
place in the pellet fragment during the power transient. When the
LHR exceeds 420 W/cm, the high temperature (2000 K) in the cen-
tral part of the pellet leads to the activation of dislocation creep in
the fuel [7]. The relaxation of stresses at MP plane begins leading to
a more uniform hydrostatic pressure distribution in the pellet, see
the pressure field at the maximum LHR of Fig. 4. The smoothing of
the pressure is even more pronounced after 90 s of holding period
at high temperature. The temperature distribution in the pellet
does not evolve during the holding period.

6.2. Inert fission gas release

The calculated fraction of inert fission gas released from the
pellet fragment during the power ramp is given in Fig. 5. In the

MARGARET model, the average volume and number of inter-gran-
ular bubbles at the grain boundary surface depends greatly on the
hydrostatic pressure. The lower the hydrostatic pressure, the
greater the volume of the bubbles and the smaller their number.
Because of their greater size compared to the limited grain bound-
ary surface available, large bubbles tend to interconnect more eas-
ily and then form more easily accessible channels to the grain
edges. The latter is the necessary condition for gas release in the
free volume of the rod. Due to the very important axial hydrostatic
pressure gradient in the central part of the pellet, the release of
inert fission gas at the IP plane is approximately equal to twice that
calculated at the MP plane when the maximum LHR is reached:
20% at IP level compared to 12% at MP level, see Fig. 5. The IP plane
where the hydrostatic pressure is the lowest releases the most. At
the end of the holding period, in spite of the smoothing of hydro-
static pressure in the central part of the pellet, the difference in
gas release between the 2 planes is maintained. It shows that most
of the gas release in this part took place during the power tran-
sient. During the holding period, the gas release tends to increase
radially towards the periphery of the pellet. This is due to the

Fig. 4. Calculated evolution of the temperature (K) and hydrostatic pressure (bars) in the fuel fragment during the power ramp.

Fig. 5. Calculated evolution of the inert fission gas release (%) in the fuel fragment during the power ramp.
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relaxation of the hydrostatic pressure at mid-radius, see Fig. 4.
Finally, at the end of the holding period, the inert fission gas deple-
tion in the pellet center reaches 15% at MP level and 22% at IP level.
The radial extension of the depleted zone is similar at both planes.

6.3. Volatile FP release

The calculated fraction of iodine, cesium and tellurium released
from the pellet fragment during the power ramp are shown in
Fig. 6. Since the volatile fission product release during the power
transient and the holding period is related to the inert fission gas
percolation flux, the iodine, cesium and tellurium release from
the pellet is also more pronounced near the IP plane. The axial gra-
dient of species release at the pellet center is, however, much more
pronounced than for xenon. At the maximum LHR, iodine and tel-
lurium release from the pellet center exceed 90% close to the dish
for approximately 30% at MP level. This result stems from a major
impact of thermo-mechanics on thermochemistry. In fact, at MP
level, the high hydrostatic pressure (>2000 bars) applied on the

oxide matrix reduces the formation of gas species (other than inert
gases) to the benefit of liquid or solid species. Conversely, at the IP
level, the hydrostatic pressure is much lower (�70 bars) which
favors the formation of gaseous compounds, and the xenon flux
is much higher. Consequently, we calculate local releases of iodine
and tellurium at the IP level three times higher than at the MP
level. In spite of very close calculated amounts, iodine and tellu-
rium do not come from gaseous species that include both ele-
ments. The majority of the iodine released comes from CsI(g) and
to a lesser extent from TeI2(g), while tellurium comes from the Tex(-

g) (2 < x < 6) compounds with Te2(g) being the dominant species.
The cesium released from the fuel is essentially associated with
CsI(g).

6.4. Thermochemistry of CsI(g), Tex(g) and TeI2(g)

The spatial distributions of CsI(g), Tex(g) and TeI2(g) during the
power ramp are given in Fig. 7. Note that logarithmic scales are
used. Small quantities of CsI(g) are formed at the beginning of the

Fig. 6. Calculated evolution of the fraction of iodine, cesium and tellurium released (%) in the fuel fragment during the power ramp.
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Figure 38: Calculated evolution of the volatile fission products release (Xe, I and
Cs) in the fuel fragment during a power ramp, reproduced from [92] (in % of the
pre-ramp inventory).
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transient in particular at the hot pellet center. During the power
transient, approximately 10 times more CsI(g) is formed near the
IP plane than at MP level, see LHR 420 W/cm in Fig. 7. This result
is a direct consequence of the differences in hydrostatic pressure
between IP and MP planes. When the LHR further increases, inert
fission gas release starts close to the pellet dish, carrying a propor-
tion of gaseous CsI with it. As a consequence, the CsI(g) concentra-
tion decreases at the IP center (see Max. LHR in Fig. 7). On the
contrary, the rest of the pellet sees an increase in the CsI(g) concen-
tration in consequence of the temperature rise. The same CsI(g) dis-
tribution is then kept during the holding period.

The time evolution of gaseous Tex(g) during the power ramp,
given in Fig. 7, is very similar to that of gaseous CsI(g) with a very
pronounced axial gradient during the power transient followed
by a reduction of the quantity close to the dish and a stable distri-
bution during the holding period. It may be noticed that even if the
bulk of the gas phase is preferentially released close to the dish, the
local concentrations in CsI(g) and Tex(g) remain important (in yellow
near the IP center, values close to 10�4 mol/mol UO2). This stems

from the solid–gas or liquid–gas equilibrium at hand in the fuel
CsIðs;lÞ¢ CsIðgÞ;Texðs;lÞ¢ TexðgÞ
� �

which ensures that the released
quantities of CsI(g) or Tex(g) are replaced instantaneously. The time
evolution of the two condensed species CsI(s,l) and Tex(s,l) during the
power ramp is illustrated in Fig. 8. As expected, the quantities of
both CsI(s,l) or Tex(s,l) decrease rapidly near the dish during the
power transient (see the axially and radially propagating blue
zone) and the holding period to maintain the solid–gas and
liquid–gas equilibrium in the fuel.

The evolution of TeI2(g) given in Fig. 7 is different from that of
CsI(g) and Tex(g). First, it appears in the fuel center during the power
transient before the two other gaseous components due to its for-
mation at smaller temperatures (around 1200 K) from the follow-
ing reaction:

2MoO2 þ Teþ 2Csl ¢ Cs2MoO4 þ Tel2 þMo ð1Þ

where TeI2 is gaseous, MoO2 and Mo are solid, and Te, CsI and Cs2-

MoO4 are either solid or liquid as a function of temperature.

Fig. 7. Calculated evolution of the concentrations in gaseous CsI, Tex and TeI2 (mol/molUO2) during the power ramp. The species written as Tex(g) accounts for the various
gaseous forms of tellurium (1 < x < 7).
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Figure 39: Calculated evolution of the concentrations in gaseous CsI(g) and TeI2(g)
(mol/mol UO2) during a power ramp, reproduced from [92].
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fragment [67]. Fig. 13 gives the calculated opening of the pellet
crack on the fracture plane of the 3D fragment model during the
power transient. It shows that the crack is closed on about half
of the pellet radius at MP level and on almost two thirds of the pel-
let height. On the contrary, the radial crack is opened till the center
of the pellet near the pellet ends (IP level). The latter is a

consequence of the hourglassing of the fragment which shifts the
fragment from the axis of revolution of the pellet and consequently
liberates some space between the fragments.

In our coupled simulations, it was further shown that most of
the gas species of interest (CsI, TeI2. . .) form and are released near
pellet ends (dished ends) due to the reduced hydrostatic pressure.

Fig. 12. Ellingham diagram of the various reactions involved between Zr(s) and the gaseous iodine forms, identified in this work. Curve 1 includes the following reactions
involving CsI(s,l,g): 300–800 K: 4CsI(s) + Zr(s) + 2Te(s) ? ZrI4(g) + 2Cs2Te(s) 800–1000 K: 4CsI(s) + Zr(s) + 2Te(l) ? ZrI4(g) + 2Cs2Te(s) 1000–1600 K: 4CsI(l) + Zr(s) + 2Te(l) ? ZrI4(g) + 2-
Cs2Te(s) 1600–2200 K: 4CsI(g) + Zr(s) + 2Te(l) ? ZrI4(g) + 2Cs2Te(s) Curve 2 includes the following reactions involving TeI2(g): 300–800 K:2TeI2(g) + Zr(s) ? ZrI4(g) + 2Te(s) 800–
1300 K: 2TeI2(g) + Zr(s) ? ZrI4(g) + 2Te(l) 1300–2200 K:2TeI2(g) + Zr(s) ? ZrI4(g) + Te2(g).

Fig. 13. Calculated pellet radial crack opening (in lm) on the fracture plane at the maximum LHR. Illustration of the differences in crack aperture at MP and IP level
(magnified 4 times).
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Figure 40: Ellingham diagram of the various reactions involved between Zr(s) and
the gaseous iodine forms I, I2, CsI and TeI2, reproduced from [92]. Curve 1 includes
the following reactions involving CsI(s,l,g): 300 K to 800 K, 4CsI(s) + Zr(s) + 2Te(s)→
ZrI4(g) + 2Cs2Te(s), 800 K to 1000 K, 4CsI(s) + Zr(s) + 2Te(l) → ZrI4(g) + 2Cs2Te(s),
1000 K to 1600 K, 4CsI(l) + Zr(s) + 2Te(l) → ZrI4(g) + 2Cs2Te(s), 1600 K to 2200
K, 4CsI(g) + Zr(s) + 2Te(l) → ZrI4(g) + 2Cs2Te(s). Curve 2 includes the following
reactions involving TeI2(g): 300 to 800 K, 2TeI2(g) + Zr(s) → ZrI4(g) + 2Te(s), 800K
to 1300 K, 2TeI2(g) + Zr(s) → ZrI4(g) + 2Te(l), 1300K to 2200 K, 2TeI2(g) + Zr(s) →
ZrI4(g) + Te2(g).
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Figure 41: Calculated pellet radial crack opening (in µm) on the fracture plane at
RTL. Illustration of the differences in crack aperture at MP and IP level (magnified
4 times), reproduced from [92].
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Since gas release occurs where the radial crack opening reaches the
pellet center, this explains why failure by I-SCC usually takes place
in front of pellet cracks and near pellet ends. The calculated max-
imum half-crack opening at the pellet periphery is close to 15–
20 lm which means that the clad surface accessible to iodine will
be small. It is well known that size effects are of importance for I-
SCC since the flaw size distribution is strongly dependent on the
clad surface [1,65]. A reasonable PCI-SCC criterion should therefore
include some quantification of the clad surface accessible to reac-
tive iodine. An estimate of the surface is given here by the product
of the pellet half-height times the size of the calculated crack
aperture.

8.4. Condensation of corrosive gases

The description presented in this paper does not model the
transport of gases in the dish, chamfer, pellet–clad gap, . . . to the
clad inner surface, as proposed by Lewis and al. [20] in its inte-
grated approach for I-SCC in CANDU fuels. It does not model either
the possible condensation of gases on the cooler parts of the pellet.
To evaluate the latter, standalone ANGE calculations have been
performed with simplified binary systems composed of a gas spe-
cies (CsI(g), Tex(g) (x=1,2,3. . .) and TeI2(g)) in helium to represent the
bulk of the gas phase in the free volume of the rodlet. The temper-
ature of the mixture was decreased from 2400 K representative of
the pellet center to 600 K to match that of the cladding. The pres-
sure was fixed at 70 bars, which is close to the calculated internal
pressure of the fuel rod during the holding period of the ramp. The
results of the thermochemical calculations show that condensation
of CsI(g) starts at a temperature of 1900 K and is complete at 952 K
(melting temperature of CsI(s) [42]). That of Tex(g) begins at a tem-
perature of 1600 K and is total at 722 K (melting temperature of
Te(s) [42]). On the contrary, TeI2(g), I(g) and I2(g) remain in gaseous
state at all temperatures.

CsI(g) is therefore likely to condense during its transport from
the pellet center to the clad inner surface. The proportion of CsI(g)

that actually reach the cladding is probably small. Fregonese et al.
estimated that only 20% of the CsI(g) molecules released from the

pellet would be dissociated by radiolysis during a 2 min long ramp
test [52]. This calculation was based on the assumption that all the
CsI(g) released from the pellet could reach a 10 lm layer close to
the clad inner surface where most of the decomposition of CsI(g)

molecules is expected to take place. If, for example, we consider
that 90% of the released CsI(g) condense during its transport in
the pellet radial cracks, the proportion of reactive iodine from CsI(g)

that reach the cladding will be as low as 2%. We therefore suggest
hereafter to use only iodine from TeI2(g), I2(g) and I(g) to define a PCI-
SCC criterion.

8.5. PCI-SCC initiation criteria

Fig. 14 gives the evolution during the ramp of the calculated
clad hoop stress at the exact location of the triple point together
with the LHR and the dish filling. Time 0 refers to the end of the
power transient (or beginning of the holding period). A maximum
stress exceeding 500 MPa is reached at IP level approximately 50 s
before the end of the transient and maintained quasi-constant
afterwards. Creep of the pellet due to the high central temperature
is at the origin of the levelling of the hoop stress during the tran-
sient [24]. Pellet creep leads to dish filling, the evolution of which
is consistent with that of the stress (Fig. 14). The contribution of
pellet gas swelling to clad loading then explains the lack of signif-
icant clad stress relaxation observed during the holding period.

I-SCC internal pressurization laboratory tests on irradiated sam-
ples have shown that failure of specimen can take place in a few
minutes at hoop stress levels of 500 MPa provided iodine is avail-
able in sufficient quantity [68,69]. With respect to these results,
and considering the clad hoop stress calculated in front of pellet
ends, there is no reason for SCC not to occur if iodine is available
in sufficient quantity and if the clad inner surface is reachable by
reactive iodide species. These two conditions can be assessed by
plotting the evolution of the quantity of iodine from the TeI2(g),
I2(g) and I(g) released by the pellet divided by the clad surface in
front of the pellet radial crack. A similar quantity is often used in
laboratory I-SCC tests for estimating the clad iodine susceptibility.
No clear threshold value of iodine concentration has been obtained

Fig. 14. Calculated evolution of the maximum hoop stress at IP level (MPa), of dish filling (%), of the clad surface concentration in ‘‘reactive iodine‘‘ (mg/cm2) and of the
‘‘reactive iodine’’ partial pressure (Pa) during the power ramp. ‘‘Reactive iodine’’ includes the iodine species TeI2(g), I(g) and I2(g). Hoop stress at IP level (MPa), LHR (W/cm), dish
filling (%), and ‘‘Reactive iodine’’ partial pressure (Pa) refer to the linear scale shown to the left. ‘‘Reactive Iodine’’ clad surface concentration refers to the linear scale shown to
the right.
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Figure 42: Calculated evolution of the maximum hoop stress at IP level (MPa),
of dish filling (%), of the clad surface concentration in "reactive iodine" (mg/cm2)
and of the “reactive iodine” total pressure (Pa) during the power ramp, reproduced
from [92]. “Reactive iodine” includes the iodine species TeI2(g), I(g) and I2(g). Hoop
stress at IP level (MPa), LHR (W/cm), dish filling (%),and “Reactive iodine” partial
pressure (Pa) refer to the linear scale shown to the left. “Reactive Iodine” clad surface
concentration refers to the linear scale shown to the right.
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calculates a time to failure based on intergranular and transgranular crack growth, which 

will be described in Section 5.5.  

 

Figure 5: Flow chart of the model, KI = stress intensity factor, KISCC = SCC threshold stress intensity 
KIC = fracture toughness, a = crack length, tsheath = sheath thickness  

16 

 

Figure 43: Flow chart of the I-SCC model of Lewis et al. [146] used in post-processing
of the stresses and strains calculated by the FAST code, reproduced from [156].
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4 Future works 
The Kachanov-Miller’s model was implemented in Alcyone in 2D-Rθ and is to be implemented in 

Alcyone 3D [16]. The goal of this implementation is to enable a good discrimination of failed and non-

failed ramps. In Figure 17, an I-SCC crack initiated and developed from the inner wall to the outer 

wall of the cladding, assuming that the “external iodine load” conducted to saturated iodine 

embrittlement in the calculation.  

 

Figure 17: Example of a ramp test simulated with Alcyone and the Kachanov-Miller’s model in the 

cladding. The I-SCC crack initiates and propagates in front of a crack in the pellet during the upper 

level of the ramp test.    

5 Conclusions 
The inner pressure tests carried out at constant pressure, under iodine vapor environment, on 

smooth CWSR Zy-4 specimen, tend to reveal a hoop stress threshold for I-SCC. This stress threshold 

seems to be independent of the temperature in the range 320°C to 380°C.  

This result is consistent with the fact that the I-SCC tenacity “KSCC” seems to be independent of the 

temperature too.  

The level of stress threshold is about 240 MPa on un-irradiated CWSR Zy-4. This value is close to the 

stress threshold of 300 MPa exhibited in [17] on un-irradiated CWSR Zy-4 too. The stress threshold is 

about 150 MPa on irradiated CWSR Zy-4.   

The Kachanov’s model, used in post-treatment of finite-element calculations, was used to model the 

I-SCC initiation. A set of parameters was identified, from inner pressure tests under iodine vapor, for 

both un-irradiated and irradiated CWSR Zy-4.    

This set of parameters was used in the Kachanov-Miller’s model presented in this paper. The model 

properly simulated both I-SCC initiation and I-SCC tenacity “KSCC” for irradiated CWSR Zy-4. It tends to 

give the same physical meaning to the I-SCC stress threshold and to the I-SCC tenacity “KSCC” in the 

calculations. The I-SCC propagation rates were under-estimated with that set of parameters. In order 

to better evaluate the I-SCC propagation rates, some parameters had to be re-evaluated.  
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Figure 44: Simulation with ALCYONE and the I-SCC damage model of Leboulch
et al. of an I-SCC crack propagation during a ramp test, reproduced from [151].
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Table 1: Summary of the models used in the fuel performance code ALCYONE [19].

Fuel properties
Thermal conductivity Modified Lucuta’s formulation [160]
Thermal expansion coefficient Martin’s formulation for UO2 [161]
Elasticity coefficients Martin’s formulation for temperature dependency

[162]
Creep Irradiation, scattering and dislocation creep

[66]
Cracking (r, θ, z) smeared crack model [23]
Densification - solid swelling [163]
Radial power profiles Modified version of RADAR [164]
Gaseous swelling stress-dependent intra- and inter-granular

bubble swelling model [99]

Clad properties
Thermal conductivity SRA Zy-4 temperature-dependent model

[163]
Thermal expansion coefficient SRA Zy-4 anisotropic model

(Internal CEA report, 1981)
Elasticity coefficients SRA Zy-4 isotropic model

(Internal CEA report, 1981)
Inelastic clad behavior SRA Zy-4 anisotropic formulation based on

Hill’s criterion [18]
Irradiation-induced creep, low-stress creep
High-stress creep and plasticity

Pellet-clad interface
Pellet-clad gap thermal heat transfer URGAP model [165]
Friction between pellet and cladding Coulomb law [40]
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Table 2: Representative elements and quantities of fission product per at% burn-up
and per mol of unirradiated UO2 fuel considered in ANGE calculations [92].

Fission Representative Creation Family
Products element mol/mol UO2/at%)
He+Xe+Kr He 3.06 10−3 Inert fission
Cs+Rb Cs 1.7 10−3 gas and
I+Br I 1.31 10−4 volatile fission

Te+Se+Ge+As Te 3.02 10−4 products
Ba+Sr Ba 1.38 10−3 Stable oxides
Zr+Nb Zr 2.62 10−3

Mo Mo 2.33 10−3

Ru+Tc+Rh Ru 2.44 10−3 Metallic fission
Pd+Sn+Sb Pd 1.02 10−3 products
Ce+Pr Ce 1.24 10−3 Fission
Eu+Sm Eu 3.81 10−4 products and
La+Y La 9.31 10−4 actinides in

Gd+Nd+Pm Gd 1.92 10−3 solid solution
Pu+Np+Am+Cm Pu 5.35 10−3 in UO2
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